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ABSTRACT 
The trend in aircraft design is to produce greener airplanes through lighter 
structures and/or structures with extended life and reduced maintenance. 
Bonded crack retarders (BCR) are one of the solutions towards that objective. 
BCR are reinforcing straps bonded to the structure in order to improve the 
fatigue and damage tolerance properties of the assembly. The aim of this study 
was to demonstrate that the BCR hybrid technology – beneficial for upper wing 
cover – could also be applied to lower wing covers. The project also focused on 
evaluating BCR most important parameters. 
The fatigue life improvement obtained from BCR was evaluated through a 
series of coupons and skin-stringer assemblies tested under constant and 
variable amplitude loading. While the coupon tests demonstrated a life 
improvement of only 17% under constant amplitude loading, the variable 
amplitude load tests performed on the skin-stringer assembly demonstrated 
increased fatigue lives with a factor of 5 and reduced crack growth rates with a 
factor of 5 to 6. 
A finite element calculation tool was developed in order to conduct a parametric 
analysis of BCR geometry through the evaluation of the substrate stress 
intensity factor in the case of fatigue loading. The main difficulty was to include 
the interacting mechanism of the substrate lead crack and the disbond of the 
adhesive layer. The novelty of the approach was to incorporate the fatigue 
delamination calculation in order to evaluate the fatigue disbond propagation 
with crack growth. This was embedded in a 3D finite element design tool 
ReSLIC (Reinforced Structures Life Improvement Calculation). A necessary 
step to the development of ReSLIC was the analysis of fatigue properties of the 
adhesive system in order to provide input data for fatigue delamination 
calculations. To that end, a series of fatigue tests were performed in pure Mode 
I, pure Mode II and mixed mode with ratios of 25%, 50% and 75% of mode II.  
The design tool predictions were validated against coupon test results and 
demonstrated life calculation errors of 16% for constant amplitude loading. No 
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disbond was predicted for the M(T) coupons, as observed during testing. The 
calculation tool was then used to carry out a parametric analysis on the 
coupons geometry. It was found that stress intensity factors of the reinforced 
M(T) coupons stay unchanged with disbonding and present a greater reduction 
with a wide strap than a narrow one. Changing the thickness of the substrate 
with the same ratio of reinforcement showed not influence on the stress 
intensity factors.  
Hence, the difference in life improvement and crack growth rate reduction 
observed between M(T) coupons and panels was explained by FE analysis that 
demonstrated that secondary bending was one of the major mechanisms 
influencing the amount of retardation and that it must be avoided in order to get 
the most benefit out of the BCR technology. This was demonstrated by the 
difference in crack retardation observed between the panel tests and the 
coupon tests. 
Keywords: Life enhancement, bonded crack retarder, bonded strap, integral 
metallic structure, FEA, fatigue delamination, mixed mode delamination. 
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Chapitre 1 : Introduction: 
1.1 Background 
The current goal in the design of airplane structures is towards structures that 
have reduced weight, reduced cost, reduced maintenance and are easily 
certifiable [1]. This corresponds to a demand from customers for lighter 
structures in order to achieve environmental objectives. 
This creates a growing competition between metals and composite design. 
Hence aluminium companies together with aircraft manufacturer work on new 
solutions based on metallic designs that present enhanced performance in 
comparison to the previous designs. Among these solutions are the use of 
materials with enhanced properties and reduced density (aluminium lithium 
alloys like 2199-T8E79 alloys [2], AlMgSc alloys, and fibre metal laminates) and 
the use of new technologies such as friction stir welding or metal bonding 
(Figure 1-1). The combination of these technologies will lead to integral 
structures that have reduced cost and reduced weight. The drawback of such a 
technology is the lack of damage tolerance.  
 
Figure 1-1 : Built up design without reinforcement (left) and with reinforcement 
bonded to the skin structure (right) – green straps [3] 
Aircraft regulations state [4] that an aircraft structure must be able to sustain 
certain loads even in the situation of a failed part or the presence of a crack. 
This is a damage tolerance requirement. In addition, the fatigue analysis of the 
structure must be done so that the detection of the crack is made before it has 
reached a catastrophic length. If a design complies with these two requirements 
it is then qualified as damage tolerant. 
No reinforcement 
With reinforcement 
BCR 
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The current issue with integral structure damage tolerance comes from the fact 
that if a crack starts to develop in the structure, either from a rivet hole or a 
material defect, the crack will propagate -- due to the fatigue loading to which 
the structure is subjected -- and no feature will provide crack retardation before 
it reaches a critical length. The structure is also not damage tolerant as it 
possesses a single load path in comparison to multiple load path designs found 
in riveted structures. In addition, the developments made on aluminium alloy 
have improved fatigue strength but not the crack growth resistance.  
One solution to that lack of damage tolerance is the use of selective 
reinforcement (Figure 1-1 and Figure 1-2) which consists of adhesively bonded 
doublers that will improve the damage tolerance of the integral structure in order 
to achieve the regulation requirements. In the present case, the terminology 
Bonded Crack Retarders (BCR) will be used for these items. 
 
Figure 1-2 : Integrally machined design without reinforcement (left) and with 
reinforcement (right) [3] 
Not only can the BCR technology be used to provide damage tolerant 
performance to integral structure, it can also be employed with bolted 
assemblies in order to provide crack retardation. This will increase the interval 
between inspections. Its use in such assemblies will also make it possible to 
optimise the weight of the components due to the additional load path brought 
by the reinforcements. 
Modelling and testing work performed in past investigations [5]–[19] have 
proved that BCR can be beneficial to the life improvement of aircraft structures. 
This was demonstrated in particular for upper wing applications in [5] during the 
‘BCR’ project. All specimens referring to that study will be referred to as ‘BCR’ 
BCR 
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specimen. These are specific of an upper wing case with substrates of 10 mm 
in thickness reinforced with different strap geometries and materials. 
Despite that work, no 3D design tool has been produced in order to define the 
use of BCR in primary aircraft structures and little is known on the parameters 
that are most likely to change the behaviour of BCR structures such as the 
influence of geometry, disbonding, etc. Hence the aim of the AIRstream project, 
a successor to the BCR project was to study and clarify all the points cited 
above. The AIRstream project [20] on the other hand was focused on lower 
wing applications, which implies thinner structure – specimen used will be 5 mm 
thick instead of 10 mm in the past project – and the loading envelope will also 
be representative of the main tensile stresses observed in a lower wing case. 
All specimens referring to that project will be designated ‘AIRstream’ coupons 
and panels. 
1.2 Aim and Objectives 
The aims of the current study are to demonstrate that bonded crack retarders 
can be applied to an aircraft lower wing cover and to perform a study of the 
design variables for BCR. The objectives are: 
 To evaluate the most important parameters regarding the interaction 
between the substrate and the reinforcement with a particular focus on 
the interaction between the substrate crack and the disbonding observed 
at the interface reinforcement /substrate. 
 To establish the fatigue disbonding growth law of the interface between 
reinforcement and substrate. 
 To develop a finite element based design tool for the calculation of the 
stress intensity factor of reinforced structure, then used to evaluate the 
fatigue life of the assembly. 
 To measure the fatigue life improvement due to the use of BCR both 
through experimental evidence and finite element analysis. 
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1.3 Thesis structure 
The thesis has two major subjects, the testing of coupons and reinforced 
structures and the modelling of BCR. The first part of the thesis – Chapter 2 – 
gives the theoretical framework used in the calculation developed later in the 
thesis. Chapter 3 presents a survey of the development of BCR with a review of 
the technology and how it has been modelled through finite element analysis. A 
particular focus will be the modelling of the disbonding that is thoroughly studied 
in that thesis. 
The second part of the thesis reviews all the coupons and panels test that have 
been performed with first the M(T) coupons, secondly the experimental work 
carried out on the reinforced panels and finally the collection of fatigue data of 
the adhesive system. 
Chapter 7 describes the methodology adopted for the modelling of bonded 
crack retarders. Chapter 8 presents the development and algorithm used to 
build the finite element design tool –based on the previously described 
methodology - that is used to calculate the stress intensity factor of BCR 
structures and Chapter 9 demonstrates the validity of the tool. 
Chapter 10 makes use of the design tool in order to conduct a parametric study 
of the effects of the BCR geometry and disbonding on the retardation level. 
The final three chapters first cover different discussion points following the test 
and modelling results and give the conclusions of the work carried out in this 
thesis as well as recommendations for future work. 
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Chapitre 2 : Theoretical framework for fracture and 
fatigue of aircraft 
The aim of this chapter is to give a background on fracture mechanics and the 
use of fracture mechanics to predict the fatigue life of structures. 
The first section of the chapter is dedicated to the definition of the stress 
intensity factor (SIF). The next section will summarize the different techniques 
used to calculate the SIF using the finite element method. The third section will 
review the fatigue crack growth laws. The final section will discuss the 
calculation of the fatigue crack growth life of a cracked specimen. 
Fracture mechanics is a mature field and there are books written by Anderson  
[21], Schive [22], Broek [23], [24] which describe in detail the subject. What 
follows is a summary of the points of most relevance to bonded crack retarders 
for aerospace. 
2.1 Fracture mechanics 
The traditional design of structures is based on the strength of materials and 
states that the strength should be greater than the applied stress. Brittle fracture 
is avoided by applying safety factors combined with the rule of having a 
minimum tensile elongation of the material. The fracture mechanics approach is 
based on the combination of the flaw size and the fracture toughness as the 
main material properties as opposed to the yield or tensile strength of the 
material. Two approaches are employed in fracture mechanics in order to 
evaluate the crack tip stress field; the stress intensity factor approach and the 
energy approach. 
2.1.1 Fracture modes 
Displacement of crack faces can be reduced to a combination of the following 
modes. Mode I corresponds to an opening mode and the displacement is 
applied normal to the plane of the crack. Mode II is a shear mode where one 
face is sliding in opposite direction to the other. Mode III is an out-of-plane 
shear where the two cracked surface foresee shear displacement normal to the 
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crack plane. The crack phenomenon can be any of these configurations or a 
combination of these mechanisms. 
 
Figure 2-1 : Mode of loading of a crack 
2.1.2 Stress Intensity Factor (SIF) and energy approach 
Irwin [25] developed an approach of fracture mechanics to apply to metals 
based on the early work from Westergaard [26]: the Stress Intensity Factor 
(SIF). This is based on an expression of the stresses in a body that is submitted 
to external loads assuming that the material is linear elastic. If one assumed a 
crack as represented in Figure 2-2 with the local coordinate system, it is 
possible to define the stress in the plate. 
 
     
 
  
            
 
    
      
 
   
 
(2-1) 
Figure 2-2 : Coordinate system at the crack tip and definition of stress field [21] 
ij, is the stress tensor, and r and  the polar coordinates of the point where the 
stress is studied. k is a constant and fij is a dimensionless function that depends 
on . The second part of the expression depends on the geometry of the case 
studied. It is noticed though that a dominant term in the expression is     . 
Hence the stress near the crack tip varies with      and as r 0, the first term 
in the expression goes to an infinite value while the second term tends to zero. 
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It shows that at the crack tip (r  0) there is a stress singularity that depends on 
    , k and fij. This is applicable for each mode of loading described in the 
previous paragraph. Introducing the factor K = k    (2-2), it is possible to give 
the following expressions for each mode of loading in the case of an isotropic 
linear elastic material. 
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In the case of a structure that is under a mixture of mode, the contribution of 
each mode is added together: 
   
       
    
   
    
    
    
     
 (2-6) 
In the case of mode I, the stress field components are: 
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(2-10) 
   = 0 
Where KI is the mode I stress intensity factor. 
In the case where  = 0, the equations above simplify to: 
        
  
    
 (2-11) 
The shear stress becomes zero and that implies that the crack plane is the 
plane of principal stress for that configuration. In that particular case the 
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equation is only valid near the crack tip. In fact, as r  0, the stresses go to 
infinity as shown in Figure 2-3. 
 
Figure 2-3 : Mode I singularity 
Hence there is a stress singularity near the crack tip. Nevertheless as r 
becomes bigger the expression tends to become null but this is not the case as 
away from the crack the stress    will be governed by the applied loads and the 
boundary conditions. This shows that the previous equation is only valid near 
the crack tip in a singularity dominated area.  
Hence in order to describe the stress singularity near the crack tip, one needs a 
more general expression of the stress intensity factor at the crack tip. In the 
particular application of a Mode I loading, the K solution can always be seen as 
a through crack configuration using a correction factor. 
         (2-12) 
Where  is a dimensionless correction factor that depends on the geometry of 
the specimen and the applied boundary conditions.  is the remote applied 
stress and a is the half crack length.  
Expressions for simple geometries can be found in the literature [21], [27], [28] 
in order to find a solution for a given specimen. In the case of the middle crack 
tension specimens used in this thesis, the solution is given by    
 
     
  
  
 
       
(2-13) with a the half crack length and 2b the width of the specimen. 
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Irwin reformulated Griffith’s formulation of the state of equilibrium of a cracked 
surface with the introduction of the strain energy release rate constant G giving 
it a more convenient form for solving engineering problems. 
   
  
  
 (2-14) 
G represents the energy available for the crack extension,  is the potential 
energy due to the internal strain energy and dA is the increase in crack area. 
The crack extension occurs when G has reached the critical value Gc which is 
the fracture toughness of the material. By definition of the potential energy , it 
is demonstrated that a general expression of G is: 
  
  
  
  
  
 (2-15) 
with    
 
 
 (2-16) the compliance of the plate (inverse of the plate stiffness) and 
P the applied load. 
2.1.3 Relation between K and G. 
In the case of linear elastic materials, a relationship exists between K and G. In 
the assumption of a through crack in an infinite plate subjected to uniform 
tensile stress, the relationship is: 
  
  
 
  
 (2-17) with 
     for plane stress 
   
 
    
 for plane strain 
2.2 Calculation of K by FEM 
As developed earlier in this chapter, it was demonstrated that the stress 
intensity factor can be calculated using the expression         (2-18). 
Solutions can be found in the literature for the most common geometries [27], 
[29] and Anderson [21] gives some of the solution for the most common 
geometries studied in fracture mechanics. Nevertheless when structures 
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become more complex, no compendium exist for the  values and it needs to 
be calculated. 
This can be done through experimental methods (photo elasticity, compliance 
measurement, data extrapolation), analytical methods (Westergaard stress 
function, superposition Green’s functions, weight functions or dislocation 
method) and also through numerical method (Finite element analysis, boundary 
element method) [28], [30]. 
The most common analysis is through finite element computations. Two 
aspects need to be considered when trying to determine the stress intensity 
factor through finite element modelling: 
- Modelling of the crack tip singularity 
- Calculation of K from the finite element model output. 
The modelling of the crack tip can be performed using different techniques. It 
can be done using refined mesh at the crack tip in order to be able to accurately 
calculate the stress and strain fields at the crack tip. Special crack tip elements 
can also be used. They use special displacement shape functions that take into 
account the singularity of the crack tip and can use coarse meshes. Byskov 
technique is one of them [31]. Another solution is the use of crack tip singularity 
elements that have modified positions of the mid-node positions of quadratic 
element such as the one developed by Barsoum [32] and Henshell and Shaw 
[33]. Additional transformation to this formulation is to merge nodes together in 
order to obtain the      singularity at the crack tip. Nevertheless, with the 
advance in computation capacity, the most common method used nowadays is 
a refinement of the mesh at the crack tip. 
Several techniques exist in order to get the beta function i.e. the stress intensity 
factor K of the studied geometry through finite element analysis. They are 
divided into two categories, the direct or substitution approaches and the 
indirect or energy approaches. 
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2.2.1 Direct approaches 
These methods require a fine mesh in the vicinity of the crack but this can be 
avoided if special purpose elements are used. 
The first method is the displacement extrapolation [34]–[36]method. The 
displacement obtained from the finite element analysis is used together with 
analytical solution in order to extrapolate the solution of the stress intensity 
factor near the crack tip. The stress extrapolation [37]–[39] method is based 
on the same principal but uses the stress equations in order to approximate the 
stress intensity factor. 
2.2.2 Indirect approaches 
These methods are not dependent on the mesh size as they are based on a 
change in energy due to the crack extension. 
The first method is the finite crack extension method [40]. This method 
calculates the strain energy difference between two scenarios of crack length 
that correspond to one increment of crack length. It requires two finite element 
calculations and is less mesh dependent than the two previous direct methods. 
The second method is the virtual crack extension method [40], [41]. This 
method requires only one calculation to evaluate the energy release rate and 
one additional calculation of the stiffness matrix of the elements at the crack tip. 
The third method is the virtual crack closure technique [42]. This method is 
based on the crack closure method. It assumes that the energy necessary to 
extend the crack is identical to the energy to close the crack for one crack 
extension. Extensive details of the formulation have been outlined by Krueger in 
[42]. This method is widely used in finite element modelling of fracture 
mechanics. The final method is the calculation of the J-integral. This method 
requires only one FE model and is path independent. It is directly related to the 
stress intensity factor K. 
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2.3 Fatigue crack growth models 
The phenomenon of fatigue cracking in metallic components can be divided into 
3 steps which are the initiation, the propagation and the final failure. For 
example, crack initiation can be due to defects contained in the material, 
environmental degradation or in service damage. When a material is submitted 
to fatigue loading, cracks will propagate through plastic deformation. Despite 
the fact that the nominal stresses applied are below the fatigue limit of the 
material, the presence of notches or defects will result in stress concentration 
locally that produce stresses that are greater than those required to initiate 
cracks. 
2.3.1 Governing parameters 
The fatigue crack growth life calculation is based on the similitude principle. It 
states that the conditions at the crack tip are uniquely defined by the values of 
Kmax and Kmin (Figure 2-4). Hence if two structures of the same material 
containing a crack have an identical stress intensity factor range K, they 
should have the same crack growth rate da/dN. In the case of constant 
amplitude cyclic loading, the relationship between the crack growth rate and the 
stress intensity factor takes the form: 
  
  
         (2-19)  
where               (2-20) and             (2-21)  
 
Figure 2-4 : Definition of governing parameters 
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This is assuming that the plastic zone is small enough to be contained within an 
elastic singularity zone. 
Empirical equations f have been developed in order to represent the material 
crack growth rates. The integration of these equations leads to the evaluation of 
the fatigue life of the structure. 
In case of variable amplitude cyclic loading, the values of Kmax and Kmin will also 
depend on the loading history. Hence the crack growth rates need to be defined 
using an additional parameter that takes into account any load history effect. 
The crack growth rate takes the form: 
  
  
           (2-22) with H, parameter that takes into account any history 
dependence.  
Figure 2-5  shows a typical plot of Log da/dN vs. Log K with a sigmoid shape. 
In that curve, the crack growth life is divided into three regions. 
 
Figure 2-5 : Typical fatigue crack growth curve for metals [21] 
Region I: Lower threshold region. The values are lower than 10-8 m/cycle which 
indicates slow crack growth rates. If K is less than Kth, no crack growth will be 
observed. 
Region II: Slow and stable crack growth rate. It is the stable region of crack 
growth rates with a growth rate between 10-8 and 10-6 m/cycle. 
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Region III: Critical region where the crack growth rate is fast with values greater 
than 10-6 m/cycle. 
The influence of the R-ratio depends on the region studied. While it will be 
insignificant in region II, it will have a greater influence in region I and III. In 
region I, a larger R-ratio means that the mean stress is increased, hence K is 
increased which results in a larger crack growth rate. There is also an increase 
in crack growth rate with the R-ratio in region III. 
2.3.2 Crack closure  
The crack closure approach is based on the observation made by Elber [43]. He 
observed that for fatigue specimens, under high loads the compliance 
formulation agreed with standard formulation of fracture mechanics but under 
low loads, this compliance was not respected and corresponded to an un-
cracked specimen. It was suggested that this was due to the contact between 
the surfaces at low loads greater than zero. Hence it was said that the stress 
intensity factor range was reduced which causes the crack growth rate to be 
reduced as well (Figure 2-4). It shows that for K below Kop (where the crack is 
still open) the crack becomes closed. Hence it does not contribute to the crack 
growth rate. An effective stress intensity factor was defined, using that 
observation with:                (2-23). 
Residuals stress fields are also responsible for crack closure. Residual stresses 
may apply a closure force to the crack faces. It is referred to as plasticity 
induced closure. It will shift the mean stress of the fatigue cycles but not change 
the stress amplitude. 
2.3.3 Empirical fatigue crack growth laws 
Paris and Erdogan [44] were the first to develop a power law associated to the 
region II of the crack growth rate based on experimental evidence. Commonly 
called the Paris Law, it is widely used in order to describe the crack growth 
rates of materials. 
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        (Paris equation) (2-24) 
Constant C and m are determined experimentally through curve fitting. The 
drawbacks of this equation are that it is not able to describe the exact behaviour 
in region I and III that are seen in Figure 2-5 as it restricted to the linear 
behaviour in region II and it does not take into account the influence of different 
R-ratios.    becomes       in the case of crack closure. 
Modifications were brought to the Paris equation in order to incorporate the 
effect of the R-ratio as well as a description of regions I and III. One of them is 
the Walker’s law [45]. This law introduces the R-ratio effect. 
  
  
   
   
      
  (Walker’s equation) (2-25) 
Despite the improvement brought by the presence of the R-ratio in the equation, 
this formulation is still missing the accurate description of the region I and III 
Forman [46], [47] developed another law that focuses on region II and III as well 
as taking into account the effect of the R-ratio. 
  
  
 
    
          
 (Forman’s equation) (2-26) 
This formulation shows that as Kmax reaches Kc, the crack growth rate reaches 
an infinite value. This equation assumes that the region III is defined by a 
superposition of fracture and fatigue rather than a plastic zone effect. The 
parameters C and m are found from curve fitting. 
Forman’s equation was later modified in order to also incorporate the effects of 
region I, the threshold region by incorporating the threshold term Kth. 
  
  
 
          
 
            
 (Modified Forman’s equation) (2-27) 
This equation provides better results for low values of K. Hence this equation 
covers all three region of the crack growth rate. 
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One of the most recent formulations is the NASGRO equation developed at 
NASA by Forman and Mettu [47], [48]. This equation takes into account the 
material behaviour in all three regions of the crack growth rate as well as the 
influence of the R-ratio. 
  
  
    
   
   
    
    
    
  
 
 
   
    
     
 
  (NASGRO equation) (2-28) 
With  C and n, the material parameters defining the region II 
p and q are also material parameters that respectively define the region I 
(near threshold) and region III (critical SIF). 
f is a function that defines the crack opening (Figure 2-4).as: 
  
   
    
 
                
     
  
      
      
 
   
      
    
 (2-29) 
A0, A1, A2 and A3 definition can be found in [48]. Kop is the opening stress 
intensity factor (Figure 2-4). These parameters will take into account the plane 
stress/strain conditions and are defined by the loading conditions. The 
parameter Kcrit takes into account any thickness effect. 
Another method used to describe the fatigue crack growth rate of a material is 
point by point. In that case the rates are not defined by an equation but rather 
through a point by point definition that represent the best fitted line of the 
experimental data. The effect of the R-ratio is described through the use of that 
is not given, it can be interpolated using the Harter T-method [49]. The Harter T-
method makes use of the Walker’s equation previously described in order to 
interpolate the crack growth rate da/dN for a specific R-ratio [50] . 
2.4 Calculation of the fatigue crack growth life 
The calculation of the fatigue crack growth life of a structure can be carried out 
through the integration of the material law. In addition to the material law, the 
stress intensity factor and the R-ratio are necessary. 
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For any step i of the integration the crack length is ai and the stress intensity 
factor is               (2-30) with    the stress intensity factor coefficient 
than can be obtained either through an analytical solution or through finite 
element modeling. 
For each value of     is associated a crack growth rate  
 
     
 for a certain R-
ratio,   
    
    
 (2-31) according to the material law (Figure 2-6).  
 
Figure 2-6 : Material law for the determination of the crack growth rate [51] 
The integration step is defined as a certain number of cycles   . Considering a 
small cycle increment, the stress intensity factor is assumed to stay constant 
during that increment which leads to: 
   
  
  
  
  
 
 
(2-32) hence      
  
  
 
 
   (2-33) 
This leads to an increment in crack length and the total number of cycles with: 
            (2-34)and            (2-35) 
The integration is finished when the structure has reached a failure condition 
that can be either fracture or net section yield. The integration then gives the life 
of the structure as a vs. N as well as da/dN vs a. 
Numerical solution such as AFGROW exists in order to conduct this calculation 
with the possibility to define retardation effects. 
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Chapitre 3 : Literature search 
3.1 Bonded crack retarders 
The literature survey of bonded crack retarders is in three parts. The first part 
reviews the work that has been performed on BCR since its first study in 1990 
[14]. It describes briefly how bonded crack retarders work and outlines all the 
parameters that have been discovered as major contributor to the behaviour of 
BCR. The second part of the survey focuses on the modelling of reinforced 
structure through a review of the different techniques that have been used in the 
past. The final part of the survey focuses on the particular aspect of modelling 
the disbonding in BCR with a thorough audit of the state of the art techniques to 
model fatigue in adhesively bonded joints. 
3.1.1 Bonded Crack Retarders: History, development and important 
parameters 
 The BCR history and development 
The first use of bonded strap to improve fatigue and damage tolerance of 
aircraft structures appeared through the development of composite patch repair 
[52]. Patch repair consists of the addition of material to a structure in a location 
of an existing crack in order to reduce the fatigue propagation of that crack. It 
was first developed in 1972 by the Defence Science and Technology 
Organisation (DSTO) to repair damaged aircraft. It differs from the BCR 
technology in a sense that the BCR are applied to a non-damaged part of the 
aircraft as a means to improve the damage tolerance when a crack develops 
whereas patch repair is applied when damage is detected in the structure. BCR 
are reinforcing straps bonded to the structure in order to provide an alternative 
loading path and slow down the propagation of an eventual crack. An example 
is shown in Figure 3-1. 
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Figure 3-1 : Middle crack tension coupon with Glare BCR straps 
BCR can be found in two major applications. The first one is the aeronautical 
industry [5], [7]–[9], [11]–[14], [53]–[57]. They are used to improve the damage 
tolerance of aluminium structures. Within this sector, there are different 
applications such as reinforcement of integrally machined panels [5], [12], [55], 
the reinforcement of bolted structures [14], [55] or also the reinforcement of 
friction stir welds [58], [59]. Early research carried out by Delft University [14] 
showed a possible increase in life of 80% for aluminium panels reinforced with 
ARALL straps. Recent research done at Cranfield University claimed a 
maximum improvement of 280% of the baseline fatigue life (test performed 3.8 
times the life of the baseline) for the particular case of reinforced coupons 
tested at low stresses with the use of an aluminium strap [5]. Alcoa [12] 
reported an improvement of up to 4 times the life of the baseline for an 
application to reinforced panels with a possible weight reduction of 25%. Yu E 
Ma et al. [58], [59] proved that the BCR technology could also be used for 
improving the damage tolerance of welds with an increase in fatigue life of up to 
200%.  
2624T351 aluminium plate 
Glare reinforcing strap 
FM94 epoxy adhesive 
Initial crack
al crack 
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The most recent “flying” application of this technology in aircraft structure is 
found on the A400M (Figure 3-2). In that case, it is used to reinforce the inner 
flange of the mainframe that carries heavy load due to wing bending and torque 
[56]. 
 
Figure 3-2: A 400M fuselage with central section and reinforced mainframe using 
the BCR technology through fibre metal laminates (FML) reinforcements [56]. 
As seen in Figure 3-2, the reinforcement that is adhesively bonded to the inner 
flange is acting as a doubler on that frame. It will reduce the tensile stresses of 
the flange and inhibit cracks initiation or slow the propagation of eventual 
cracks. 
The second application is found in the civil engineering industry where bonded 
straps are used to improve the damage tolerance of steel structures [10], [57], 
[60], [61]. Colombi studied the case of pre-stressed composite bonded to 
notched steel plates and conducted a parametric study of that configuration. It 
demonstrated that it was a promising technique to reinforce cracked part or 
prevent fatigue cracking due to crack closure effects and crack bridging that 
reduces the stresses range at the crack tip. 
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Other technologies for crack retardation is the use of crenulations [11], [14], 
[62]–[65] that demonstrated an increase in fatigue life as well but shows 
limitations in terms of damage tolerance as no secondary load path is present in 
the structure. 
 BCR: how do they work? 
The past studies carried out on BCR [5]–[14], [17], [19], [50], [53], [54], [56], 
[62], [66]–[68] gave a better understanding of the technology by demonstrating 
the phenomenon observed in BCR structures as well as studying the influence 
of different parameters such as the strap dimension, position and material, the 
effect of disbonding and thermal residual stresses as well as the effect of 
loading levels. 
(a) 
 
(c) (b) 
Figure 3-3 : Integrally machined structure without (a) and with BCR (b) and (c) 
representation of the mechanisms found in BCR [5] 
Figure 3-3 (c) illustrates all the mechanisms of crack retardation that can be 
found in an M(T) coupon reinforced by two straps when submitted to fatigue 
loading. It shows that as the substrate crack propagates, its propagation rate is 
reduced due to the presence of the strap. As the crack goes underneath the 
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strap, the crack opening is reduced as the strap acts to bridge the two sides of 
the crack. Crack initiation can be observed in the strap as has been observed 
for aluminium straps in previous research [5], [53]–[55]. Disbonding of the strap 
from the substrate can also occur in the adhesive system along the crack path 
or at the end of the strap [5]. Delamination may also develop within the strap. 
Due to the difference in coefficient of thermal expansion between the substrate 
and the strap, thermal residual stresses arise in the substrate due to the curing 
process of the adhesive used to bond the strap to the substrate. Because the 
reinforcement is applied on only one side of the specimen, secondary bending 
is observed. Finally moisture and thermal cycles also play major roles in the 
behaviour of bonded crack retarders. 
Parametric studies looking at the most influential parameters governing the 
behaviour of BCRs are reported in the next section.  
3.1.2 Parametric studies 
 Strap material and geometry 
The material used for the reinforcement are varied, with aluminium [5]–[7], [13], 
[14], [53]–[56], [58], [59], titanium [5]–[7], [13]–[15], [53]–[56], ARALL [14], 
GLARE [5]–[9], [13], CFRP [5], [10], [61], GFRP [5] as well as straps made of 
Boron/Epoxy [18].  
The use of fibre metal laminates (FML) as a BCR material was first investigated 
by Schijve in 1990 [14] with the use of ARALL in comparison to other materials 
such as Titanium and aluminium. Heinimann et al. [12] later studied the use of 
another fibre metal laminate GLARE as a possible reinforcement for integrally 
machined panels. They also compared GLARE to straps made of aluminium. In 
both cases, it was proved that the fibre metal laminate was the most appropriate 
material to be used as BCRs. Heinimann in particular made the statement that 
the strap should use a material that is fatigue insensitive and possess a high 
static strength [12]. 
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 ARALL: Aramid Aluminium Laminate was developed by Delft University [14] with 
an objective to reduce the structural weight of aircraft. It consists of adhesively 
bonded aluminium layers and pre-impregnated aramid layer that provide fatigue 
and fracture resistance. This material presents good fatigue strength with very 
slow crack growth propagation properties. It is possible to obtain weight savings 
up to 20% by using Arall. 
GLARE: Glass LAminate Reinforced Epoxy is a fibre metal laminate that consists 
of thin aluminium layers bonded together with glass fibre reinforced epoxy layers 
[70]. It was developed after ARALL in order to overcome the failure of aramid 
fibres under fatigue loading for fuselage section. GLARE possesses a reduced 
density in comparison to monolithic aluminium, good fire resistance properties as 
well as excellent fatigue and damage properties together with a satisfactory 
behaviour after impact. It is used for some parts of the fuselage on the A 380 
aircraft [69]. 
 
 
(a) ARALL: aluminium and aramid layers 
[72] 
(b) ARALL cross section [17] 
 
(c) Glare layup 
Figure 3-4 : Fibre metal laminates ARALL and GLARE 
GLARE can be found in different forms depending on the number of layers, 
orientation of the prepreg fibres as well as the aluminium gradient used. Table 3-1 
illustrates these different grades. 
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Table 3-1 : Glare characteristics [70] 
 
GLARE was also used by Irving et al. [5] in comparison to GFRP, titanium and 
aluminium with different loading configuration. It proved that for a case of high 
stress at variable amplitude; GLARE outstand the other material as indicated in 
Figure 3-5. 
 
Figure 3-5 : Strap comparison under spectrum loading with maximum stress = 49 
MPa [5] 
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During the tests conducted by Irving et al. and Schijve [5], [14], one particular 
aspect of the use of fibre metal laminates was the initiation of a crack in the first 
aluminium layer of the FML bonded to the substrate which would cause 
disbonding in the strap. 
The aluminium straps also demonstrated very good fatigue results in [5], [10], 
[14]. This was mainly due to the absence of thermal residual stresses after 
curing of the strap. The major drawback was the crack nucleation observed into 
the straps which caused fatigue crack to initiate and propagate in the strap and 
later, failure of the reinforced panel.  
Titanium was investigated as a possible material for BCR [5], [13]–[15], [53]–
[56] and demonstrated good performance in retarding the crack propagation but 
a major issue was the difference in coefficient of thermal expansion between 
titanium strap and aluminium substrate which caused tensile residual stresses 
in the substrate and reduced the BCR effect. Titanium also demonstrates a 
higher density in comparison to GLARE or aluminium which means that it 
cannot achieve as much weight reduction as for the other materials. 
CFRP was used in various tests for coupon reinforcement [5], [10], [19], [57] as 
well as panel reinforcement [16]. It was demonstrated [9] that when cured at 
room temperature CFRP could bring a reduction of crack growth rate of up to 
3.5 times the crack growth rate of a non-reinforced specimen. Nevertheless, 
when cured at higher temperature – which will guarantee the best performance 
of the adhesive – the retardation was much reduced [6], [7], [9]. This was 
proved in [5] where the calculated residual stress intensity factor was the 
highest for CFRP in comparison to other material. 
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Figure 3-6 : Calculated thermal residual stresses on strap side of substrate for 
notched SENT specimen with different strap materials [7] 
Despite reduced life improvement in comparison to other materials, CFRP 
proved beneficial in reinforcing integral panels, as samples with CFRP had 
twice the life of baseline unreinforced samples as proved in [16] even though 
there are detrimental thermal residual stresses. Colombi [10] demonstrated that 
the use of pre-stressed CFRP on steel members was a good means of 
retarding the crack. It was also confirmed in [66] that CFRP patches was a good 
method for crack arrest but with higher benefit when used as a double sided 
patch than a single sided one. 
GFRP also proved effective as a crack retarder. Under room temperature cure 
[13] and high temperature cure [7] it is less beneficial than titanium and 
aluminium (Figure 3-6) but it remains better than CFRP. Due to its reduced 
density and the reduced thermal residual stress (Figure 3-6), GFRP may appear 
as a better choice in comparison to aluminium and titanium. This choice of strap 
material was confirmed by Hosseini-Toudeshky [18] with a crack growth life 
increase up to 236% from the baseline case. 
 The influence of strap geometry was first investigated by Schijve [14] 
with the introduction of the stiffness ratio  as a parameter to characterise BCR 
systems. EStrap and AStrap are respectively the Young’s modulus and the total 
cross section of the strap while EAL and AAL are the Young’s modulus and the 
total cross section of the substrate to which it is applied. 
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 (3-1) 
Schijve showed that a stiffer strap (increase in  value) was more beneficial as 
well as a wider strap. Hence according to Schijve, the strap should possess a 
stiffness ratio as high as physically possible. 
This was later confirmed by Molinari [55] where highest ratio of w/t – w being 
the width and t the thickness of the strap – resulted in better performance. In 
particular, comparison between titanium and aluminium using the same 
stiffness ratio resulted in better results for the titanium strap [7]. 
Studies over the width of the strap considered by Sun [15] and Irving et al. [5] 
showed that wide straps were more beneficial than narrow strap for a case of 
constant stiffness ratio of 0.2. The thickness of the strap has been studied by 
Zhang et al. [7] with the test of 2 Glare configurations, a thin one (1.8 mm) and 
a thick one (5.4 mm) where the thick Glare proved better as it had a higher 
stiffness ratio. On the contrary, for an aluminium strap case studied in [54] by 
Meneghin, it was demonstrated that thick and narrow straps behaved better 
than thin and wide straps as the crack nucleation took longer in the thick strap 
than the narrow one. As a conclusion, a higher stiffness ratio provides a better 
retardation with a preference towards wider straps made of Glare as was 
proved during a series of large panel tests performed by Irving et al. [5]. One of 
the other advantages in using wider straps is the fact that the contact area will 
be bigger, hence this reduces the shear stresses in the adhesive layers which in 
turn reduces the amount of disbond [14]. Concerning the effect of position of the 
strap, when BCR are used to reinforce monolithic aluminium plate, it has been 
demonstrated that the retardation effect is seen before the crack has entered 
the strapped area and that the effect remains as the crack propagates 
underneath the strap and after the strap [5]. 
 Adhesive choice 
The parametric studies carried out on the strap material also demonstrated the 
importance of the interface between the reinforcement and the substrate and 
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how that can influence the benefit of BCR. One particularly interesting result 
was obtained by Meneghin [54] where the use of unidirectional glass fibres 
placed at the interface between the aluminium reinforcement and the skin could 
prevent the aluminium strap crack nucleation. 
Colombi [10] conducted testing and a numerical analysis of steel plates 
reinforced by composite patch and demonstrated that a thin adhesive layer 
produced a larger disbonding due to an increase of shear stresses in the 
adhesive as opposed to thick adhesives that have reduced shear stresses. 
 Substrate 
Hosseini-Toudeshky [18] showed that the thickness of the substrate can play a 
major role in the retardation effect. Two substrate thicknesses were studied, 
one at 2.29 mm and one at 6.35 mm with patch repairs of the same dimensions 
(Length = 40 mm; width = 35 mm) and varying thickness of patch with 0.72 mm, 
1.44 mm and 2.88 mm. For all straps configurations, thicker substrates 
demonstrated reduced retardation in comparison to the thinner one. The highest 
improvement was reached with a 2.29 mm thick substrate and a 2.88 mm thick 
patch with 240% of life improvement. 
 Loading effects 
Airplane structures are subjected to complex loading depending on the studied 
area. For the wing application, two major configurations are observed. The 
upper part of the wing is submitted to predominantly compressive loads (mean 
value of -45 MPa) with excursions of tensile loads (mean value of 20 MPa). In 
contrast the lower part of the wing is subjected to predominantly tensile load 
(mean value of 60 MPa) with excursion of compressive loads (mean value of -
10 MPa). 
During the work conducted by Irving et al. [5], coupon tests were performed 
under different stress levels at constant and variable amplitude and it was 
demonstrated that this could have an influence on the retardation effect as 
illustrated in Figure 3-7. Under constant amplitude loading, it showed that tests 
performed at higher load level ( 60 MPa) gave better retardation effect than 
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lower load levels for the Glare strap while the effect was opposite for the 
aluminium straps due to the failure of the aluminium strap under high load 
cases. 
 
Figure 3-7 : Fatigue life improvement for different strap configurations under 
constant amplitude load – high and low as well as variable amplitude loading [5] 
3.2 Modelling of bonded reinforced structures  
Two methods can be employed for the calculation of the stress intensity factor 
of a crack in a reinforced structure, either through an analytical solution or finite 
element modelling. The current section will briefly review these two methods. 
3.2.1 Stress intensity factor analytical solutions 
Rooke and Cartwright [71] published a series of analytical and numerical 
solutions of stress intensity factors for stiffened sheets. These solutions can be 
used as a first estimate but are restricted to specific geometrical cases. 
Ratwani [72] developed an analytical solution for a reinforced plate. This model 
represented two plates of the same dimensions bonded together with one of the 
plate with a centre through crack. The secondary bending effect due to the 
presence of the crack in one of the plates, away from the mid plane of the 
specimen was also considered in the solution. No thermal residual stresses 
were considered. Calculated stress intensity factor agreed well with 
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experimental results when considering the secondary bending and the 
disbonding corrections. 
Rose’s model [73]–[75] that was developed for the case of patch repair is based 
on the formulation of the stress distribution of a plate reinforced by an elliptical 
patch. The formulation assumes that the presence of the patch has two effects 
on the substrate, first the redistribution of stresses and then the crack opening 
restriction. While it is restricted to double sided reinforcement Rose also gives a 
solution for the case of partial reinforcement. The formulation is the same as the 
case of an elliptical patch but consider the effect of the reinforcement on the 
opening of the crack through the use of distributed springs between the crack 
faces. This formulation is used to evaluate the importance of design 
parameters. It does not assume disbonding effect and is limited to simple patch 
geometries. 
Wang et al [76]–[78] developed an analytical method that combines the effects 
of membrane loads and bending loads for one-sided repairs. They formulated a 
crack bridging method that consists of using tension and bending springs to 
represent the effect of the patch on the cracked surfaces. This methodology 
was later used on a parametric analysis [77]. 
Yu et al. [79] studied the effect of double sided and single sided repairs made of 
Carbon Fibre Reinforced Composites on steel plates. The analytical model was 
based on the fracture mechanics theory and gives a solution to the stress in the 
repaired plate by formulation of the equilibrium of forces between each layer. 
This formulation agreed well with experimental results and was used in order to 
conduct a parametric study. 
Kim and Lee [80]presented an analytical solution for the stress intensity factor 
of a patch repair with a disbonded area. They developed a crack-bridging model 
with a distribution of springs between the cracked faces using a weight function 
method. Their formulation was compared to Rose’s model and good correlation 
was obtained between the two. It proved that a weight function can be used in 
order to formulate the effect of disbonding in an analytical solution. 
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Clark and Romilly [81] corrected the earlier analysis of Wang and Rose [76]. 
They developed close form equations in order to establish the stress intensity 
factor for a reinforced plate with an arbitrary crack length. These equations were 
found by developing a new method of interpolation between short cracks and 
long cracks. The method was tested against a line-spring model and a 3D finite 
element model and showed accurate results.  
All methods outlined here agreed well with test results but they are all restricted 
to specific geometrical cases together with particular assumptions. This can be 
overcome with the use of finite element methods that once developed and 
verified can be adapted to a different geometry and cases. This is outlined in 
the next section. 
3.2.2 Finite element solutions of stress intensity factor 
The finite element modelling of reinforced structures (bonded crack retarders or 
adhesively bonded stiffener) or more generally bonded structures (single lap 
joints) are required to take into account a number of mechanisms such as the 
presence of a crack in the reinforcement or the adherent, secondary bending, 
the presence or not of thermal residual stresses and the cases of disbonding. 
The next section will review the modelling techniques that have been developed 
in order to consider these mechanisms. 
A large number of numerical models have been developed for single sided and 
double sided patch repair [72], [75], [80]–[99]. Other models involve 
skin/stiffener assemblies [100]–[102] as well as the development of bonded 
crack retarders [103], [104]. 
 2D models vs. 3D models 
With advances in computation capacities, modellers can use 3D finite element 
modelling rather than 2D. Nevertheless a number of 2D models have proved to 
be very effective in the modelling of patch repairs. 
Ratwani [72] was one of the first to develop a 2D finite element model for a 
patch repair application. In that particular case, patch, adhesive and substrate 
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had the same dimensions and only the patch and the substrate were modelled 
with 2D elements.  
Another way of looking at patch repair models is through the representation of 
the assembly (patch, adhesive and substrate) as a single layer of 2D elements 
but with a stiffness of elements representative of the assembly as developed by 
Jones and Callinan [94] and Chandra [87].  
Other more conventional methods are a mixture of the classical 2D elements for 
the representation of the patch and the substrate and the adhesive layer is 
represented as spring elements, another 2D layer or a 3D layer. Arrendt and 
Sun [85], Klug et al. [98] Sun et al. [105] and Boscolo [103], [104] used 2D 
plates and spring elements. Naboulsi and Mall [106], Ouinas [107], [108] and 
Giannis [101] used 2D elements for all three layers. Arrendt and Sun [85] 
looked at the possibility of using 3D elements for the adhesive layer but faced 
numerical errors due to the large aspect ratios of the elements for the 
representation of the adhesive layer. 
Callinan et al. [86], Sablekin et al. [109], [110], Lee et al. [99], [111], Hoseini-
Toudesky et al. [90]–[92] and Gu et al. [89] all used 3D elements in order to 
model all three layers of the assembly. Their models differed based on the 
number of elements used through the thickness of each part. In order to take 
into account the large aspect ratio of the adhesive thickness, Callinan et al. [86] 
used a reduced integration formulation of the brick elements. 
 Adhesive modelling 
The modelling of the adhesive layer mainly depends on the type of analysis 
performed (2D or 3D). In Ratwani’s 2D model [72], rectangular, prismatic-
shaped elements were used to connect the two layers of elements representing 
the patch and the substrate. The thickness of these elements was 
representative of the thickness of the adhesive. 
Arendt and Sun [85] used 2 shear spring elements in order to represent the 
adhesive layer with the addition of constraint equation between each layer in 
order to guarantee the continuity of displacement which will incorporate the 
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effect of secondary bending. Sun et al. [105] improved this approach with 3 
spring elements modelling the adhesive with 2 elements for shear component 
and 1 element as a peel component. In that model as well as in Klug et al. [98] 
and Naboulsi et al [106] models, a constraint equation was used in order to 
impose the continuity of displacement through the thickness in order to consider 
the secondary bending effect. In Boscolo’s model [103], the adhesive was 
modelled with two rigid elements that model the thickness of the adhesive and 3 
springs to link this rigid element (Figure 3-8). 
 
Figure 3-8 : Boscolo’s 3 layers + spring model [50] 
In 3D models, the adhesive layer is usually connected to the rest of the model 
using tie constraint between each layer. In some cases [109], [110] a contact 
property is added to this constraint in order to allow for disbonding of the 
adhesive layer. 
 Type of analysis 
One of the major features observed with single sided patch repair / 
reinforcement is the secondary bending effect. As stated by Boscolo [50], this 
involves a geometrically non-linear effect. While most modellers used a linear 
analysis, some considered the non-linear effect by conducting a geometrically 
non-linear analysis such as Sun et al. [105], Klug et al. [98], Lee et Al. [99], 
[111] , Gu [89] and Giannis [101]. For the cases where no geometrically non-
linear effects were considered, the formulation of the stress intensity factor or 
the use of equations of continuity through the thickness has been used to 
consider this effect. 
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 Disbond considerations 
The presence of disbonding with crack advance is an important factor in the 
design of reinforced structures. Authors have chosen various approaches 
towards this phenomenon. The first one is to consider disbonding based on 
what was observed on test samples and reproduce the shape of disbonding in 
the FE analysis [72], [85], [98], [105], [106]. Sablekin et al. [109], [110] used a 
surface to surface contact with a small sliding option in order to simulate the 
disbonding effect. Other more advanced approaches to delamination are the 
one adopted by Boscolo [103] where the disbonding is approximated by a 
quasi-static critical condition in order to grow the disbonding as the crack is 
propagating in the substrate. Giannis [101] and Maligno [112] used approaches 
in which the fatigue behaviour of the adhesive was taken into account. All other 
authors don’t consider the case of disbonding [81]–[83], [86], [88]–[92], [97], 
[99], [107], [108], [111], [113]–[115]. 
 Thermal residual stresses (TRS) 
The bonding process - when performed at high temperature – results at ambient 
temperature in thermal residual stresses that must be considered in the 
calculations of the stress intensity factor. In fact, these TRS can vary through 
the thickness of the specimen, hence they must be considered in the 
calculations of the stress intensity factor for both 2D and 3D models. The two 
methods that are considered to calculate the residual stress intensity factor are 
the weight function method and the calculation through finite element analysis. 
Klug et al [98] considered a thermal step in their FE analysis with a temperature 
defined as the one observed during curing of the specimen. They studied a 
particular case where the R- ratio was zero hence simplified the approach to 
               (3-2) where       is the stress intensity factor induced by 
the maximum mechanical load and    is the component due to thermal residual 
stresses. In that approach, no component at minimum load is considered which 
limits its use. Moreover the results of the thermal analysis were not compared to 
measurements. 
 44 
Sablekin et al. [109], [110] used a similar method with a temperature decrease 
in the analysis but instead of using the exact difference, simulations were run in 
order to get the temperature drop that would give the exact fatigue life through 
simulation of the specimen upon comparison with test results. Despite good 
agreement with the test results this method can be criticized for the fact that it 
uses the results of the test in order to tune the model and then uses these same 
tests in order to validate the model. 
Boscolo [103], [104] on the other hand modelled the thermal residual stresses 
through the exact temperature drop observed during the preparation of the 
specimens. The approach undertaken was similar to Klug et al. [98] but the R-
ratio used was not zero and the formulation used calculates the effective stress 
intensity factor as           
        
    (3-3) and      
    
   
    
    (3-4) where     
    
and     
   , are the contribution of the thermal stress and mechanical load to the 
stress intensity factor. This formulation takes into account the geometric non-
linearity of the single sided reinforcement as well as the coupling between 
thermal and mechanical loading. Good agreement was obtained through this 
formulation when compared to residual stress measurements. 
Hosseini et al. [92] developed a finite element methodology in order to study the 
thermal residual stresses due to the curing process in a patch repair assembly 
as well as the influence of those TRS on the fatigue life of the specimen. The 
method consisted in two steps. First a linear analysis is performed in order to 
calculate the thermal residuals stresses. A second linear analysis is performed 
in order to calculate the stress distribution due to the mechanical loading. The 
results of these two steps are then accumulated in order to get the stress 
distribution due to both TRS and applied loads. During the thermal analysis, 
particular conditions are imposed in order to avoid interpenetration of nodes 
through a constraint condition. Using that method, they were able to 
demonstrate that for FML patches, the thermal residual stresses stayed 
relatively small and were not sensitive to the curing temperature. 
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 Crack front asymmetry 
When looking at single sided patch repair or reinforcement, one phenomenon 
that has been observed is the asymmetry of the substrate crack front due to the 
presence of the strap on only one side and the secondary bending effect 
(Figure 3-9). 
 
Figure 3-9 : Asymmetric crack front in bonded crack retarder [116] 
The asymmetry must be considered during the calculation of the distribution of 
the stress intensity factor through the thickness. This can be done for both 2D 
and 3D models. Once it has been calculated, a choice needs to be made on a 
single value of stress intensity factor that must be used to integrate the fatigue 
crack growth law in order to predict the fatigue life of the specimen. The most 
popular choices are the maximum stress intensity factor through the thickness – 
as a conservative choice -, the mean value through the thickness or the root 
mean square. Nevertheless, it is also possible to predict the fatigue life of the 
specimen using an iterative process, with a distribution of the stress intensity 
factor rather than a single value as was performed in [90]–[92]. Hence it is 
important to differentiate the role of asymmetry for the calculation of the stress 
intensity factor as well as for the calculation of the fatigue life. 
Most of the 2D models were not able to represent this asymmetry of the crack 
front and in these cases, the crack front is assumed to be constant through the 
thickness [72], [85], [87], [94], [95]. In particular, Arendt et al. [85] concluded 
that the variation of stress intensity factor was not large enough to be 
considered.  
Nevertheless some 2D FE models did consider the effect of the bending on the 
curvature of crack front [98], [104], [105], [113]. In these cases, the calculation 
of the stress intensity factors takes into account the components due to 
membrane load as well as bending load hence a distribution of K through the 
thickness is calculated. 
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In Klug et al. [98],      (maximum stress intensity factor through the thickness), 
      (mean value of stress intensity factor distribution through the thickness) 
and      (Root mean square of stress intensity factor distribution through the 
thickness) were compared for the calculation of the fatigue life.      proved 
over-conservative,       proved over-predictive but      showed good results. 
Umamaheswar et al. [113] suggested as an approximation method that the 
distributed SIF through the thickness could be approximated by a uniform value 
but no life predictions were estimated using that method. 
Boscolo [104] developed a more advanced calculation of the stress intensity 
factor through the thickness in two steps. The first step gives a formulation of 
the SIF through the thickness based on a parabolic distribution. The second 
step consists of using a weight function associated with the first formulation in 
order to compute a unique value of the stress intensity factor to be used for life 
prediction calculations. This weight functions considers the fact that the crack 
front on the non-reinforced side is influenced by the rest of the crack front. This 
method is based on the observation made by Hosseini-Toudesky et al. [90]–
[92]on 3D models that states that a unique value of the SIF can be used to give 
a good approximation of the fatigue life despite the fact that the SIF varies 
through the thickness. Both RMS and weighted formulations were used for life 
predictions in [103] and showed very good agreement. 
With the use of 3D finite element model, the variation of the stress intensity 
factor through the thickness can be automatically calculated depending on the 
refinement of the mesh used. Sablekin et al. for example [109], [110] were able 
to obtain values for each side of the reinforced substrate and used an average 
of these two values in a 2D life calculation. Lee et al. [99], [111] and Hosseini-
Toudesky et al. [90]–[92] used successive calculation in order to predict the 
exact shape of the crack front instead of using a straight approximation. Both 
obtained very good agreement with tests results but Hosseini-Toudesky [92] 
showed one particularly interesting conclusion that was used by Boscolo [104] 
which is that despite the asymmetric crack front observed during the tests, the 
crack can be approximated by one single value through the thickness. In their 
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study this value was approximately the stress intensity factor located at 0.32-
0.37 of the plate thickness, from the un-patched side. 
3.2.3 Summary, limitations and possible improvements 
The survey conducted here showed that the calculation of the SIF in bonded 
crack retarders could be performed through analytical studies. Nevertheless, 
the issue with such methods is the geometry restriction and the numerous 
assumptions. Models developed by Ratwani, Rose and Wang [72]–[74], [76]–
[78]correspond to a very specific case and it was demonstrated that the issue of 
secondary bending is not always treated. In addition, when disbonding was 
considered the shape of disbonding was based on experimental observations 
and the evolution of disbonding was not studied. Thermal residual stresses are 
another issue, with very few papers considering its effect in the calculations and 
the curvature of the crack front was scarcely raised in these models. 
The finite element modelling techniques reviewed in the previous paragraphs 
are summarized here with a critical scrutiny: 
 Element choice: It was demonstrate that 2D finite element modelling 
together with the right formulation can be used to accurately calculate the 
stress intensity factor and consequently approximate the fatigue life of 
bonded crack retarders [104]. It was shown that accurate formulation 
must be used in order to consider the effects of secondary bending and 
the possible asymmetry of the crack front. 3D modelling coupled to the 
appropriate constraint between each part of the assembly proved to be a 
better solution in representing reinforced structures [90]–[92]. 
Nevertheless the effect of the element aspect ratio must be carefully 
monitored when using 3D elements. 
 Adhesive model: The adhesive modelling mainly depends on the type 
of analysis performed (2D/3D) as well as whether or not disbonding is 
considered in the model. Further details of the adhesive model can be 
found in the next section which outlines how to model the fatigue 
disbonding in the adhesive system. 
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 Analysis: As demonstrated, not all analysis considered geometric non-
linear effects while secondary bending is considered as a non-linear 
effect. Hence in the case of 3D modelling of a one-sided reinforcement, it 
is recommended that geometrically non-linear analysis be conducted. 
 Disbonding: Must be considered when modelling reinforced structures 
but it was shown that very few papers consider the exact fatigue 
disbonding effect and used imposed shape of disbonding [72], [84], [85], 
[98], [105], [106]. Some papers did not even consider disbonding. One 
fatigue model in particular used a static approach for the disbonding 
effect [104]. Hence a major improvement in modelling of bonded crack 
retarders would be the computation of the fatigue disbond advance with 
the substrate crack advance in order to study the interaction effect 
between one-another. 
 Thermal residual stresses: As stated earlier two methods can be used 
in order to consider the TRS caused by the curing of the adhesive. It 
appears that the most common method used in finite element modelling 
would be the implementation of a thermal step that corresponds to the 
temperature drop associated with the curing of the adhesive. 
 Crack front asymmetry: It was demonstrated in [5] that when using 
BCR, asymmetry of the substrate crack front is observed. Hence this 
phenomenon must be modelled. It was reported that this can be done 
through either 2D or 3D modelling. It showed that if 2D model is used, a 
series of formulations needs to be used in order to mimic this behaviour 
[104] while with 3D models a more direct approach can be 
undertaken[90]–[92]. Nevertheless the fatigue life calculation requires a 
single choice of stress intensity factor range hence critical analysis must 
be performed when it comes to the selection of this single value. 
The present review has demonstrated that the analytical solution are restricted 
to simple geometries and assumptions hence building a design tool using an 
analytical approach would not be as straightforward as is currently possible with 
finite element analysis. 
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3.3 Finite element modelling of fatigue delamination in adhesive 
bonds 
Delamination in adhesive bonds can occur due to two mechanisms. The first 
case is under static load where the load is high enough to initiate disbonding 
and as the load increases, the disbonding progresses. The second case is 
disbonding under fatigue load. In that case, disbonding initiates under lower 
load in comparison to the static case and propagates during the cyclic loading. 
Disbond initiation may be due to defect in the adhesive system, run-outs stress 
concentration or impact damages. 
Modelling of the fatigue disbond mechanism is an important aspect of BCR as it 
will modify the efficiency of the reinforcement. The present survey will focus on 
the finite element modelling of fatigue delamination only. This section gives a 
review of the fracture mechanics approach to model delamination of adhesively 
bonded joints and focuses in particular on the finite element modelling of the 
bonded joint. The fracture mechanics approach was chosen as the most 
appropriate method to correlate delamination data and FE analysis as opposed 
to the total life method [117]and the damage mechanics approach [118]–[120]. 
3.3.1 The fracture mechanics approach 
This approach calculates only the propagation of disbond. It assumes that the 
geometry either presents an initial defect or that initiation occurs in an early 
stage of the cycling process. This approach is based on the principle that the 
delamination growth rate da/dN is correlated to a fracture parameter, either G 
(Strain energy release rate) or K (the stress intensity) (Figure 3-10). 
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Stress based approach Energy based approach 
 
        (3-5)    
  
  
  
  
 (C = compliance) (3-6) 
 
(a) Stress based approach [116] 
 
(b) Energy based approach (Chapter 6) 
Figure 3-10: Stress based (a) and energy based (b) approaches 
The stress intensity factor K can be evaluated with confidence in homogenous 
materials with the use of known analytical or numerical solutions. On the other 
hand the definition of the stress field surrounding the crack tip in bonded 
structures is more complex because of heterogeneous and anisotropic 
properties. Because energy based methods don’t require the definition of the 
stress field, they are preferred for the definition of fracture properties of 
composite laminates and adhesively bonded structures. 
Several expressions can be used to characterise the strain energy release rate, 
Gmax,               (3-7) or                  
 
 (3-8) [121]. It is not 
clear which is the most appropriate. Gmax is often used as debris created during 
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the delamination may interfere during the closing process and cause an 
artificially high Gmin value. The value of G can be calculated through analytical 
solution or finite element analysis. The most common numerical evaluation of G 
is through the Virtual Crack Closure Technique [42]. 
While the measured data may be given for a single mode (mode I or mode II) or 
a mixed mode (ratio of mode I/mode II maintained constant during the test), the 
calculation needs to consider the mixture of modes observed during the crack 
propagation in case the mode of delamination is a mixed one. That can be done 
by using a mixture parameter such as Gtot = GImax+GIImax (3-9) or        
   
      
    (3-10) [122]. 
3.3.2 Modelling of delamination in finite element analysis through 
the fracture mechanics based approach 
Details of this approach are given here and other finite element methods are 
also outline with the cohesive zone model approach and the X-FEM approach. 
 Fracture mechanics based models 
The fracture mechanics models are based on the relation between the stress 
intensity factor (SIF – K) or strain energy release rate (SERR - G) and the 
fatigue crack growth rate (
  
  
     ). Several methods exist for the 
determination of the SERR as outlined in section 2.2. There are a number of 
examples that used this finite element approach and they differ based on the 
material employed and more particularly on the formulation employed to 
describe the fatigue delamination growth rate. 
Krueger [123] developed several benchmark examples on the double cantilever 
beam geometry made of graphite epoxy laminates in order to predict the fatigue 
delamination. The approach used a simple Paris law of delamination growth 
based on test data. Good results were obtained through that method and it was 
pointed out that if applied to more complex geometries that involve a mixture of 
modes of delamination the solution depends on the parameters employed in the 
formulation. 
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Brussat et al. [124], [125] performed an analysis of disbonding in an FM73 
adhesive system. They investigated both mode I and mixed mode and in 
particular produced data for the cases of hot water immersed conditions. They 
used these data together with the calculation of the strain energy release rate 
through finite element modelling in order to predict the crack growth rate of 
single lap joints and showed good correlation between test results and 
predictions. 
Pascoe [126] studied the delamination of bonded repairs and tried to predict the 
advance of delamination. The methodology employed a series of simple 
geometry tests in order to determine the parameters for Paris like type 
equations that describe the delamination growth rate and use these equations 
in order to predict the delamination propagation. 
Giannis et al. [101] produced a series of mode I and mixed mode fatigue 
delamination test in order to obtain fatigue fracture data. These data were then 
used in order to predict the fatigue life of skin stringer specimen made of Glare 
using a method developed by Martin [127]. Despite over-predicted results, they 
were able to demonstrate the importance of using mixed mode data in the 
predictive model. 
Quaresimin et al. [128] used a two part method in order to predict the fatigue life 
of a single lap joint. The fatigue initiation was based on a SIF to number of 
cycles approach where the SIF at the initiation of delamination was compared to 
SIF vs. number of cycles data. The propagation calculation was using a fracture 
mechanics approach. One interesting point is that they studied different 
approach of strain energy release rate, using in particular an equivalent value of 
the strain energy release rate Geq. to incorporate the mixed mode as for 
example Gtot does not incorporate the mixed mode aspect of disbonding. Their 
results showed that the Gtot, approach gave more conservative results than the 
Geq. method but each result stayed within the scatter of such predictions. 
             
      
            
        (Quaresimin equivalent G value) (3-11) 
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Hoyt et al. [129] studied the fatigue life of skin-stiffener T-joints and bonded 
repair lap-joints. The method that they used was based on the calculation of the 
cycle increment for a certain crack increment using the fatigue crack growth rate 
data. Mixed mode was not considered in their approach and they used Gtot in 
order to quantify the variation in SERR during the cyclic loading. They also 
assumed no R-ratio effect during their calculation. No comparisons of their 
prediction to fatigue test on the studied structures were given. 
Other methodologies make use of the fracture mechanics approach and are 
similar to the one quoted above except that the crack advance is based on a 
quasi-static criterion rather than a fatigue criterion. The delamination progresses 
if the fracture criterion is met by deletion of the connecting elements/node. 
Despite this restriction Xie and Biggers [130] and Boscolo [103], [104] proved 
good correlation with test results using this fracture principle. 
 
  
   
 
 
  
   
    
 
 
  
    
     
 
 
   (Xie and Biggers quasi static formulation) (3-12) 
 Cohesive zone models 
The cohesive zone formulation was first introduced by Dugdale [131] and 
Barenblatt [132] and was further developed for static decohesion problems 
[133]. The cohesive zone modelling uses the finite element method to model the 
interface disbonding by using special purpose cohesive elements. The 
advantages of this method in comparison to the fracture mechanics approach 
are that no remeshing of the disbond front is necessary and it can model the 
damage initiation. The elements are defined through a traction-displacement 
relationship (Figure 3-11) that is non-linear [50]. 
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Figure 3-11 : Cohesive zone modelling: Stress vs. displacement non-linear 
relationship  
The behaviour of the cohesive elements is usually defined as: 
                    
   
                    
       
 
     (3-13) 
            
      
where                    ,       is the relative displacement of the faces of 
the cohesive element at time t,    is the damage parameter, i is the direction,   
  
is the displacement at the onset of softening of the element (#2 in Figure 3-11), 
  
 
 is the displacement at failure (#4 in Figure 3-11),    is the stiffness and    is 
the traction stress. 
The damage growth is simulated by reducing the stiffness of the element using 
the damage parameter D. This is used to simulate fatigue delamination by 
introducing the damage parameter D in the formulation of the cohesive element 
behaviour. 
Cohesive elements have been used in several fatigue problems. Foulk et al 
[134] introduced the loading/ unloading behaviour in their formulation which was 
later re-used by De Andrés et al [138] together with an additional damage 
parameter D that is defined for a limited number of cycles and avoids a cycle by 
cycle computation. Camanho et al [133] used a formulation that integrates the 
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mixed mode behaviour using a criterion developed by Benzeggagh and Kenane 
[135]. 
The Robinson et al [136] formulation of the cohesive elements was built in order 
to reproduce both static and fatigue delamination growth. A pseudo-time 
approach representative of the number of cycles was used. Their formulation is 
dependent on a parameter that has not been properly linked to a fracture 
parameter hence concerns have been raised on the validation of such 
formulation. In particular, the parameters used in Robinson’s formulation are 
only valid for one ratio of mixed loading and the formulation needs to be 
changed depending on that ratio.  
Harper and Hallet [137] used the model of fatigue delamination growth rate 
developed by Blanco [138] in order to calculate the fatigue component of their 
damage by linking the fatigue damage zone size to the fatigue damage growth 
rate as done by Turon et al. [139]. No initiation life is calculated in their model. 
May, M. and Hallett, S. R [140], [141] used a fatigue life approach – S-N curves 
– for the initiation of delamination and used a fracture mechanics approach for 
the fatigue propagation calculations. In both cases they used a cohesive 
element approach in the FE model. The stiffness of the element was changed 
based on the amount of damage calculated. They demonstrated good results 
for simple geometries but it was also shown that when using more complex 
structure, they could not achieve the same accuracies in the predictions. As 
stated their model is highly dependent on the user inputs which may limit its 
use. Another drawback of their method is that the damage parameter D does 
not have a physical meaning which is what Pascoe outlined in [126], [142] 
where he mentioned the lack of coherence between the methods used to 
predict fatigue delamination and the actual physics of the delamination process. 
Landry and LaPlante [143] used a similar approach that linked the cohesive 
zone model to fracture mechanics through a modified Paris relation in order to 
predict the fatigue behaviour under variable amplitude loading. 
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Khoramishad et al. [144] used a strain approach in order to define the damage 
parameter. They also showed good agreement with their tests results. 
 X-FEM based model 
The extended finite element method (X-FEM) [145] is a finite element technique 
that allows modelling of an arbitrary crack. In fact, while in fracture mechanics 
models or cohesive zone models the crack is defined at the interface between 
elements, in the X-FEM case the crack can propagate through the elements. 
This is due to enrichments functions at the nodes that allow the crack to 
propagate through the adjacent elements. It was first introduced by Belyteschko 
and Black [146]. Further studies have been carried out on that method and are 
summarized in [147]. 
The studies using the X-FEM methodology have been restricted to quasi-static 
problems. For example, Campilho et al. [148] used it to study the fracture in 
adhesive joints. The method was also used by Curiel Sosa and Karpurah [149] 
in order to study the fatigue delamination in fibre metal laminates. As suggested 
by Pascoe [126], it should be possible to combine this technique with a damage 
approach in order to predict fatigue disbonding, the same way it has been 
performed in the CZM approach. Bacarreza and Aliabadi [150] used the X-FEM 
technique in order to simulate fatigue delamination in composite. They adopted 
a fracture mechanics approach in order to calculate the crack advance, using 
the VCCT to calculate the strain energy release rate. They used the X-FEM 
approach in order to avoid remeshing of the delamination front. 
3.3.3 Summary 
Three major finite element modelling techniques use the fracture mechanics 
approach in order to model fatigue delamination. The fracture mechanics based 
models demonstrate a direct link between the crack front condition (SERR) and 
the fatigue crack growth rate allowing for accurate predictions. This method 
treats cases of mixed mode ratio at the crack front. Nevertheless it does not 
take into account the initiation problem. The cohesive modelling approach has 
demonstrated very accurate modelling results for quasi-static cases. It also 
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showed good results for fatigue life calculation when using a damage 
mechanics approach but it is restricted by a damage parameter that does not 
have a physical meaning and some analysis have shown high dependency on 
the crack growth rate data [140], [141]. X-FEM demonstrates promising results 
for the modelling of fatigue crack propagation using a fracture mechanics 
approach especially for the modelling of the crack front but further investigation 
is necessary in order to link the X-FEM results to fatigue crack growth rate data. 
Most of the models presented here have been validated with comparison of 
predictions to experimental results on simple geometries. Nevertheless in more 
complex situation as the one encountered in an aircraft structure there will be 
mixed mode loading situation which needs to be addressed in the model. Hence 
models that work well on a single mode of delamination may not be accurate 
when used on more complex geometries. 
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Chapitre 4 : Experimental investigation of crack 
growth in reinforced middle crack tension 
specimens 
4.1 Introduction: 
The current chapter describes the tests performed on reinforced middle crack 
tension specimens M(T) using a 2624-T351 aluminium substrate and a Glare 
2A-6/5 (0.4) strap, with a stiffness ratio  = 0.2. This is part of a large test 
program conducted during the course of the project which additional results will 
be described for means of comparison in the discussion chapter. The aim of this 
chapter is first to study the benefit of bonded crack retarders at a coupons level 
and second to provide a set of data in order to validate the finite element 
models. 
4.2 Sample materials, design and manufacture 
4.2.1 Materials 
The samples were made of 2624-T351 aluminium. Glare 2A-6/5 (0.4) was used 
for the reinforcement of the M(T) coupons. FM94 epoxy adhesive was used to 
bond the reinforcement to the aluminium substrate. 
2624-T351 adherent plate 
The aluminium alloy 2624-T351 used for the substrate was provided by Alcoa. 
The substrates were surface treated with phosphoric acid anodising and a BR 
127 primer was applied prior to delivery in order to guarantee better bonding 
performances. The chemical properties of the aluminium alloy 2624-T351 are 
given in Table 4-1.  
Table 4-2 outlines the mechanical properties of the 2624-T351 aluminium alloy 
and also give the mechanical properties for 2024-T3 and 7085-T7651 for means 
of comparison. 
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Table 4-1: 2624-T351 specified chemical composition [151] 
Component Al Cr Cu Fe Mg Mn 
Weight (%) 90.7 - 94.7 0.05 3.8 - 4.3 0.08 1.2 - 1.6 0.45 - 0.7 
Component Si Ti Zn Other, total 
Weight (%) 0.08 0.10 Max 0.25 Max 0.15 
Table 4-2: Mechanical properties for 2624-T351, 2024-T3 and 7085-T7651 
Property 2624 – T351 [152] 2024 – T3 [153] 7085 - T7651 [154] 
Et (MPa)  71,000 73,000 71,000 
 0.33 0.33 0.33 
 (g/cm3)  2.77 2.77 2.77 
 (°C-1) 23.2 23.6 23.6 
The 2624-T351 material demonstrates high damage tolerance, fatigue durability 
and resistance to stress corrosion cracking. 
No further surface preparation of the substrate was required prior to the bonding 
process except cleaning of it with acetone. 
Glare 2A-6/5-(0.4) straps 
Glare 2A-6/5-(0.4) is a fibre metal laminate that consist of 6 aluminium layers 
(2024 – T3) together with 5 unidirectional GFRP layers made of S2-prepreg 
glass fibres pre-impregnated with FM94 epoxy adhesive (Figure 4-1). Each 
layer of aluminium is surface treated with the same surface treatment as the 
substrate. The material was provided by Alcoa in its final form and then cut to 
the required dimension of the straps following Alcoa’s recommendations [155]. 
 
Figure 4-1: Glare2A – 6/5 (0.4) 
As mentioned before, Glare 2A-6/5-(0.4) was chosen as the most appropriate 
material for the reinforcing strap because of its matching coefficient of thermal 
expansion to the one of aluminium that reduces the thermal residual stresses 
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and proves to be the best material to use according to earlier design studies [5] 
due to high fracture resistance. The thermo-mechanical properties of the Glare 
constituents are given in Table 4-3. It shows the orthotropic properties of the 
Glare employed for these tests.  
Table 4-3: Thermo-mechanical properties of Glare constituent as given in [156], 
[157] 
Property 
UD S2 prepreg/FM94 
FVF = 60% 
2024-T3 
E1 (MPa) 50,300 72,000 
E2 (MPa) 5,500 72,000 
12 = 23 0.310 0.300 
21 0.034 0.300 
G12 (MPa) 1,995 28,000 
G23 (MPa) 2,099 28,000 
°C
-1) 2.88x10
-6 2.32x10-5 
°C
-1) 4.03x10
-5 2.32x10-5 
 (kg/m3)  1,975 2770 
t (mm) 0.13 0.40 
 
FM94 adhesive 
The adhesive employed to bond the specimen together was FM94. This is a 
widely used adhesive in aerospace industry which performance have been 
tested [5] and showed high level of mode I and mode II toughness with 
respectively 3000 J/m2 and 9000 J/m2 [5], [158]. The static and fatigue 
delamination growth behaviour of this adhesive are further developed in the 
Chapter 6 in order to accurately model the fatigue disbonding observed in BCR. 
4.2.2 Design 
The tests substrates specimen geometry was based on the ASTM E647 
recommendations [159] and is illustrated in Figure 4-2. 
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Figure 4-2 : Reinforced M(T) specimen 
The substrate used for the coupon tests was 400 x 140 mm and 5 mm thick with 
the grain direction orthogonal to the crack propagation direction. They were 
reinforced with Glare 2A 6/5 (0.7) straps, 26 mm wide and 180 mm long. The 
width and thickness of the strap is of particular importance as it defines the 
stiffness ratio  of the specimen   
             
                                  
 (4-1) 
With Estrap, the Young’s modulus of the reinforcing strap 
 Astrap, the cross sectional area of the reinforcing strap 
 Esubstrate, the Young’s modulus of the substrate 
 Asubstrate, the cross sectional area of the substrate 
As Glare is made of alternating layer of aluminium and glass fibre reinforced 
epoxy adhesive, an equivalent Young’s modulus is used here for the 
calculations with EGlare = 66.5 GPa. This value is based on classical laminate 
theory. 
Hence   
             
                      
     
Therefore the stiffness ratio used in these tests was 0.2. 
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4.2.3 Manufacturing procedure 
The specimens were delivered in their final 
dimensions of 400 x 140 x 5 mm. Electro Discharge 
Machining (EDM) was used prior to bonding in order 
to introduce a 16 mm long notch in the substrates. 
The Glare straps were cut using a high speed milling 
machine to their final dimension of 180 x 26 x 
3.7 mm. 
The bonding assembly was performed at Cranfield University Composite 
Centre. The steps of the bonding assembly were done in the following order 
according to Alcoa’s recommendation [160]: 
1. Get adhesive out of the freezer. This gives a better handling as it gets to 
room temperature 
2. Cleaning of the specimen using acetone in order to remove any 
contaminant from the bonding surface. 
3. Marking of straps location on the substrate using permanent pen. 
4. Cutting of adhesive strips to dimension by placing the strap on the 
adhesive (it is recommended to cut it slightly larger in order to guarantee 
a good bonding at the edges). Hand pressure is then applied on the 
adhesive in order to remove any air at the interface adhesive/strap. 
5. Adhesion of adhesive + strap to the substrate. Once the strap is in the 
exact position, pressure can be applied to the strap in order to guarantee 
that it will stay in its position during handling of the specimens prior to 
curing. 
 
Figure 4-4 : Reinforced M(T) ready prior to vacuum bagging [161] 
Figure 4-3 : EDM notch 
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6 – Vacuum bagging of the specimens 
7 – Curing of the specimens according 
to Cytec recommendation [162] 
- Heat at 3 C/min up to 121 C 
- Apply a 40 psi pressure 
- Cure at 121 C ± 3  C for 60 
minutes 
Due to the thermal lag caused by the 
number of specimen to bond, the curing temperature was increased to 90 
minutes in order to guarantee a good bonding quality. 
8 – Once cured the specimen were left to cool down and removed from the 
vacuum bags. 
A slight curvature could be observed on the specimen after curing. This was 
due to the difference in coefficients of thermal expansion between the 
aluminium and the Glare. Figure 4-6 illustrates this slight curvature. 
 
Figure 4-6: Specimen after curing -Thermal residual stresses effect with out-of-
plane bending 
These were confirmed by measurements performed by Syed [163] where a 
deflection of approximately 0.9 mm was observed on the unreinforced side of 
an M(T) specimen after bonding. 
Figure 4-5 : Specimens in vacuum bags prior 
to curing 
deflection due to thermal residual stresses 
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Figure 4-7 : Out-of-plane deflection measurement of reinforced M(T) specimen 
after curing – from unreinforced side [163] 
4.3 Testing methodology 
Prior to testing, a 1 mm scale was scribed on the non-reinforced side of the 
specimen in order to monitor the crack advance Figure 4-8. The tests were 
performed under constant amplitude loading on a 250 kN servo–hydraulic 
machine fitted with a digital control. An optical microscope was used to monitor 
the position of the crack tip on each side of the crack (Figure 4-9). The crack 
was monitored on the non-reinforced side of the specimen only as it was 
impossible to monitor it on the reinforced side due to the presence of the strap. 
The crack was monitored every 2,500 cycles up to a certain point where crack 
growth became too fast and the frequency of measurement had to be reduced.  
The tests were performed in two stages. The first stage consisted of initiating a 
pre-crack of 2 mm on each side of the artificial EDM notch, as recommended in 
the ASTM E647. This is a necessary step in order to sharpen the crack tip and it 
ensures that the effect of the machined notched is removed and that the effect 
of changing the crack front shape is eliminated in terms of crack growth rate 
data. 
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Figure 4-8 : Scribe on specimen for crack 
monitoring 
Figure 4-9 : Test set-up 
A nominal stress of 74 MPa and a nominal stress ratio of R = 0.1 were 
employed for that pre-crack. The pre-crack was stopped as soon as each side 
of the artificial damage had grown of 2 mm hence ending-up with an initial crack 
length of 20 mm. A second stage consisted of a constant amplitude cyclic load 
at a maximum nominal stress of 60 MPa and a nominal stress ratio R = 0.1. The 
test parameters are summarized in Table 4-4. The chosen nominal stress of 60 
MPa takes into account the full cross section of the substrate and the 
reinforcement. 
Table 4-4 : Fatigue test parameters 
Phase Max – Min applied load 
(N) 
Max – Min applied stress 
(MPa) 
Fatigue pre-crack 66.2 – 6.6 74.0 – 7.4 
Fatigue crack propagation 53.4 – 5.3 60.0 – 6.0 
The test was stopped when one of the crack tip reached final fracture and the 
specimens were then statically ruptured. 
After testing inspection were performed on the broken specimen using optical 
observation, optical microscope and an Olympus Omniscan MX coupled to a 
Phased Array (PA) probe in order to perform C-scan inspection (Figure 4-10). 
Those inspections were aiming at the determination of the amount of 
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disbonding that had occurred during testing, at the interface between the strap 
and the substrate, in the adhesive system. A C-scan gives a detailed image of 
the state of the interface similar to an X-ray scan, where the colours define the 
amplitude of the signal which is attenuated in case of disbonding. 
 
Figure 4-10 : Olympus Omniscan and PA probe 
In order to study the results of the test, the ASTM E647 [159] recommends two 
data reduction techniques for the computation of the crack growth rates with the 
secant method or point to point technique and the incremental polynomial 
method. An alternative post processing method was used. It consists on using a 
linear curve between seven data points and then uses the slope of that linear 
curve in order to get the fatigue crack growth rate. The average crack length 
over these seven data points is then used to calculate K. 
4.4 Testing results 
The results of these tests are compared to test results performed on the 
baseline specimen of AA 2024-T351 (non-reinforced) [116] at the same nominal 
stress of 60 MPa and the stress ratio R = 0.1. The reinforced specimens are 
designated as MTR1 and MTR2 and the non-reinforced baseline are designated 
as MT1 and MT2. 
4.4.1 Fatigue lives 
The two specimens MTR1 and MTR2 required respectively 13,583 cycles and 
12,911 cycles in order to reach the 20 mm initial crack. MTR1 reached 151,460 
cycles and MTR2 reached 152,990 cycles. This number of cycles does not take 
into account the number of cycles required for the pre-crack. Hence the average 
life of the reinforced specimens is 152,225 cycles. On the other hand, the plain 
specimens reported in [116] showed an average fatigue life of 129,930 cycles. It 
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demonstrates that the use of bonded crack retarders gives a life improvement 
factor, LIF of 17%. 
 
(4-2) 
The crack lengths monitored during the tests are illustrated in Figure 4-11. The 
figure shows the results for the reinforced specimens MTR1 and MTR2 as well 
as the non –reinforced specimens MT1 and MT2. Figure 4-11 shows that up to 
a half crack length of approximately 26 mm non-reinforced specimens and 
reinforced one have a similar profile. Nevertheless the reinforced case appears 
to have a slightly longer crack length (difference is less than 2 mm) from 12 mm 
to 26 mm half crack length in comparison to the non-reinforced case. Once the 
half crack has reached 26 mm, the curves for the reinforced specimens start to 
separate from the reinforced one with a gradient that is reduced for the 
reinforced specimens, hence showing the effect of the presence of the strap. As 
the crack emerges from the strap (a > 39 mm) the difference in half crack length 
is of 8 to 15 mm between the two configurations. Overall, the presence of the 
strap gives an increase in fatigue life as well as an increased residual strength 
of the specimen with the half crack propagating over an additional 6-8 mm 
before failure. 
  
𝐿 𝐹 =  
     𝑝𝑝    𝑈     𝑝𝑝  
 𝑈     𝑝𝑝  
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Figure 4-11 : Half crack length vs. cycles – Reinforced and unreinforced 
specimens 
4.4.2 Fatigue crack growth rates vs. half crack length 
Figure 4-12 shows that the presence of the strap starts to affect the fatigue 
crack growth rate after 20 mm. In fact, the curves between reinforced and 
unreinforced specimens start to separate after this crack length. Before that, no 
major difference is observed. 
Past the half crack length of 20 mm, the crack growth rate is lower for the 
reinforced specimen as opposed to the baseline. The difference is of the order 
of 1.0x10-7 m/cycle within scatter for the test performed here. This difference 
stays approximately the same up to 42.5 mm where the difference between, 
baseline and reinforced is clearly marked with a lower crack growth rate of the 
order to 1.0x10-5 m/cycles.  
Moreover the gradient of crack growth rate increases at 45 mm half crack length 
for the reinforced specimen while it was increasing at 39 mm for the baseline. 
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Figure 4-12 : Crack growth rate vs. half crack length for reinforced and 
unreinforced specimens 
4.4.3 C-scan 
As mentioned in the methodology section, C-scanning was used in order to 
establish whether or not disbonding was present at the interface between the 
strap and the substrate. Figure 4-13 shows an ultrasound C-scan of the strap 
bond (left hand side) before testing with good bonding between the strap and 
the substrate. 
 
Figure 4-13 : Ultrasound C-SCAN of AIRstream reinforced M(T) specimen prior to 
testing (a =10 mm) showing no unbounded area prior to testing 
C-scan was then performed for the second reinforced specimen MTR2 before it 
was pulled apart (no data for MTR1). The scan was performed after 124,651 
cycles of fatigue crack growth with a total substrate crack length of 74 mm. The 
C-scan is illustrated in Figure 4-14. 
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Figure 4-14 : C-scan of central area of MTR2 specimen in cracked region after 
124,651 cycles – The scan was performed over the full width of the specimen, 
over the crack in the direction of the crack. 
No obvious disbonding was observed at that stage of the test as no attenuation 
of the signal is seen in the area around the crack path. This may also be 
attributed to the sensitivity of the probe that is not high enough to detect the 
disbonding as the interface is very small in that un-failed situation. Hence it was 
not possible through C-scanning to establish whether or not disbonding was 
present at that stage of the test.  
4.4.4 Fracture surface 
After the crack had reached one edge of the specimen, the specimen was 
pulled apart using static loads. The specimen interface between the strap and 
the substrate were then visually inspected in order to identify signs of fatigue 
delamination that could have occurred during the fatigue failure phase of the 
specimen (Figure 4-15; Figure 4-16; Figure 4-17; Figure 4-18). 
  
Figure 4-15 : Specimen MTR2 – 
Reinforced side / Part 1 zoom on 
disbonded area 
Figure 4-16 : Specimen MTR2 – 
Reinforced side / Part 2 zoom on 
disbonded area 
« smooth » area « smooth » area 
 72 
  
Figure 4-17 : Specimen MTR2 – Back 
side / Part 1 zoom on disbonded area 
Figure 4-18 : Specimen MTR2 – Back 
side / Part 2 zoom on disbonded area 
The figures show that adhesive was remaining on both part of the assembly 
(substrate and strap) which defines a cohesive failure. It also shows the 
presence of porosity in the adhesive layer estimated to more than 50% of the 
overall surface. No evidence of fatigue disbonding was observed on the fracture 
surface despite the presence of a smoother area of 5-6 mm from the substrate 
crack. 
4.5 Conclusions 
These test results showed the effect of the addition of bonded crack retarders to 
a substrate in the case of constant amplitude fatigue loading at an R ratio of 0.1 
and a maximum stress of 60 MPa. It demonstrated that the fatigue life can be 
increased with an improvement factor of 17%, which is noticeable but not 
significant in comparison to previous results using that technology [5]. No 
disbonding was observed through C-scan and fracture surface observations did 
not demonstrate evidence of fatigue disbonding. These test results will be used 
to validate the finite element results by comparison of fatigue life, fatigue crack 
growth rate and delamination. 
« smooth » area 
 
« smooth » area 
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Chapitre 5 : Panel testing 
5.1 Background and introduction 
In addition to the program of coupon tests performed on 2624 – T351 that was 
reported in the previous chapter a series of 5 skin-stringer panels was tested. 
The aim of these tests was to: 
 Evaluate the retardation effect of BCR on bolted skin stringer sub-
assembly made of 2624-T351 aluminium alloy. 
 Evaluate the improvement brought by the use of an aluminium-lithium 
2199 –T8E80 material for the skin in addition to BCR. 
 Determine the benefit of using a reinforced integrally machined skin-
stringer panel over bolted panels. 
 Carry out experimental test under spectrum loading condition on skin 
stringer assemblies and evaluate the variations with single coupons. 
Two bolted 2624 –T351 skin panels – this alloy is frequently referred to as 2024 
HDT for its High Damage Tolerance properties – with one baseline and one 
reinforced panel, two 2199 –T8E80 (2199 al-lith) bolted skin panels with again, 
one baseline and one reinforced panel and one Integrally Stiffened Panel (ISP) 
made of 2099 – T81 (2099 ISP) – reinforced – were tested. 
The tests were conducted under variable amplitude loading using the lower 
cover test spectrum of an A320 aircraft. Its maximum stress was 101 MPa 
(originally 140.3 MPa) with a minimal stress of -19 MPa (originally -32.39 MPa) 
that was obtained from gating and clipping of the original spectrum to 
accommodate the machine load capacity limitation of 800 kN. While the original 
spectrum was made of 138,230 cycles, the manipulated spectrum resulted in 
58,010 cycles with no major influence on panel fatigue responses as described 
in Appendix A. 
5.2 Panel design 
The bolted assembly of 5 stringer panel can be seen in Figure 5-2 and Figure 
5-3. All panels were of dimensions 1200 x 780 mm with 5 stringers and a rib. 
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The skin was 3.85 mm in thickness for the 2024 panels and 3.5 mm in thickness 
for the 2199 Al-lith panels. All bolted panels were designed by Airbus UK and 
the 2099 ISP panel was designed by Alcoa. Detailed drawings can be found in 
the Appendix B. Figure 5-1 shows the front and back views of the panel with 
indications of the dimensions. 
 
Figure 5-1 : Front and back views of bolted panel (baseline) 
 Bolted panels 
The baseline panels (no reinforcement) were assembled by Airbus prior to 
testing with one panel made of a 2624-T351 skin, 2026-T3511 stringer and a 
7010 rib. The second baseline was made of a 2199-T8E80 skin, 2099-T81 
stringers and a 7010 rib. The two reinforced panel were made of the same 
materials as the baseline one but with the inclusion of the bonded GLARE 
straps. The bonding was performed at Cranfield University by adhesively 
bonding the 5 Glare 2A-6/5 (0.4) straps to the skin using FM94 adhesive before 
final assembly by Airbus. The straps were 136 mm wide by 1200 mm long and 
3.7 mm in thickness. They were located under each stringer. Following the 
bonding process, the bonding quality was inspected by Airbus using an 
ultrasound scan. The inspection revealed no disbonding with an attenuation of 
approximately 10 dB for the 2024 HDT assembly and 9 dB for the 2199 al-lith 
panel. 
1200 mm 
780 mm 
754 mm 
1200 mm 
102 mm 
613.6 mm 
586.4 mm 
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Once the inspection was completed, the panels were assembled by Airbus. 
 
 
(a) Baseline panel (2024 HDT) (b) Reinforced panel (2024 HDT) 
Figure 5-2 : Bolted panels with (a) baseline and (b) reinforced 
Note: During the manufacturing process of the aluminium lithium bolted panel, it 
was noticed that the thickness of the skin tapered from 3.5 to 3.85 mm while the 
thickness of the 2024 HDT panel was 3.85 mm. 
 Integrally stiffened panel 
Only one reinforced ISP panel was tested (Figure 5-3). The panel was made of 
extruded 2099 – T81 aluminium with the two outer stringers friction stir welded 
to the 3 central stringers. The panel was 780 x 1200 mm with 4 reinforcing 
straps of dimensions 70 x 640 mm made of Glare 2A 6/5 (0.4). The straps were 
adhesively bonded to the panel in Cranfield using Cytec FM94 with the same 
procedure as used in the bolted panel bonding process. The bonding quality 
was inspected by Airbus using an ultrasound scan. The scan showed an 
attenuation of 4dB which indicates an acceptable bonding quality. Airbus 
performed the final assembly by adding the rib.  
reinforcements 
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(a) Panel before bonding (b) Panel ready for testing 
Figure 5-3 : ISP reinforced panel 
An artificial crack starter of 129 mm with a width of 3 mm was introduced into 
the skin of all the panels at the centre line, half way along the width, the centre 
stringer being severed completely. This was similarly applied to the ISP panel. 
Detailed drawings of that pre-cut can be found in Appendix B. 
  
(a) Front view of pre-cut skin  (b) Back view of pre-cut skin and central 
stringer 
Figure 5-4 : Artificial damage used as crack nucleation for bolted panel 
 
 
  
reinforcements 
rib 
central 
stringer skin 
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Table 5-1 : Panel test matrix 
Test Description Skin material Stringer 
material 
BCR 
P_COU_01 2024 HDT baseline 2624 – T351 2026 – T3511 NO 
P_COU_02 
2024 HDT 
reinforced panel 
2624 – T351 2026 – T3511 YES 
P_ALC_01 
2199 al-lith. 
baseline 
2199 – T8E80 2099 – T81 NO 
P_ALC_02 
2199 al-lith. 
reinforced 
2199 – T8E80 2099 – T81 YES 
P_COU_03 2099 ISP reinforced 2099 - T81 
N/A (integral 
structure) 
YES 
The panels were tested in a 1 MN servo-hydraulic machine equipped with an 
Instron 8600 series digital control system associated to a computer control that 
used RANDOM software to apply a variable amplitude sequence to the 
specimens. 
5.3 Strain gauge monitoring of skin-stringer panels 
5.3.1 Introduction 
In order to verify the stresses applied to the 
panels, a set of strain gauges was installed on 
each panel. The data obtained from the strain 
gauges were collected using a National 
Instruments data acquisition system. The gauge 
positions were designed to check for panel out of 
plane and in plane bending, and to provide a 
reference calibration of strain Vs applied load at a 
defined location on the sample horizontal 
centreline at a position remote from the influence 
of the crack starter notch and stress 
concentrations associated with stringer locations 
Figure 5-5 : Strain gauge 
position 
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and individual bolt holes. The reference location was on the sample horizontal 
centreline, 234 mm from the vertical centreline as shown in Figure 5-5. Table 
5-2 shows the actual location of the strain gauges on the 4 bolted panels. The 
calibration gauge allowed the determination of the panel load which would 
provide the same remote skin stress in each panel despite differences in 
thickness dimensions, construction and the presence of bonded retarders. The 
values of stress in Table 5-2 were used to set the maximum loads achieved in 
the load spectrum. 
Table 5-2: Calibration results at maximum load and actual strain gauge positions 
Panel 
X 
position 
(mm) 
Y 
position 
(mm) 
Max load 
(kN) 
Strain 
Modulus 
(MPa) 
Stress 
(MPa) 
2024HDT 
baseline 
229 0 585 1.47x10-3 
71,000 
104 
2024HDT  
reinforced 
234 0 790 1.38x10-3 98 
2199 Al-lith 
baseline 
234 19 582 1.30x10-3 
75,200 
98 
2199 Al-lith 
reinforced 
235 0 790 1.27x10-3 96 
Table 5-2 shows the difference in position for the strain gauges which means 
that the stress values for the 2624 baseline and the 2199 baseline should be 
modified. This was performed by the measurement of strain in both positions 
and establishing a correction factor. Hence a strain gauge positioned at X = 229 
mm and Y = 0 mm was added to the 2199 reinforced panel as well as a strain 
gauge at the position X = 234 mm and Y = 19 mm. The ratio between strains in 
this position and the position X = 234 mm and Y = 0 mm was then used to 
calculate the strain in the 2624 baseline as well as the 2199 baseline. The 
revised values of stress and strain are summarized in Table 5-3; the sign * 
indicates the values that have been evaluated using the recalibration of the 
2199 Al- Li reinforced panel. These stress and load values are the ones which 
were applied as the maximum stresses in the spectrum during variable 
amplitude load testing of the panels. In the case of the 2099 ISP panel, the 
strain gauge was accurately positioned at X=234 and Y = 0, and the loads 
required to produce a stress of 101 MPa were calculated from the strain 
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readings obtained, noting that the elastic modulus of this panel skin was 78 
GPa. 
Table 5-3 : Modified stress and load spectra maxima for all bolted panels as 
evaluated from re-calibration 
Panel 
X 
position 
(mm) 
Y 
position 
(mm) 
Max 
load 
(kN) 
Strain 
Modulus 
(MPa) 
Stress 
(MPa) 
2024 HDT 
baseline 
234 0 585 1.47x10-3* 
71,000 
104* 
2024 HDT 
reinforced 
234 0 790 1.38x10-3 97.7 
2199 Al-lith 
baseline 
234 0 582 1.35x10-3* 
75,200 
102* 
2199 Al-lith 
reinforced 
235 0 790 1.27x10-3 95.8 
5.3.2 Example of calibration stress calculations 
Detailed calibrations are given as examples for the 2024 HDT baseline and 
reinforced panels. All other strain gauge measures are presented in 
Appendix C. 
 Panel 1: 2624 - T351 – bolted – no reinforcement (P_COU_01) 
The maximum stress selected for the test according to the spectrum 
manipulation was 101 MPa. Calculation showed that the cross section of this 
panel was 5786 mm2. Hence the maximum load to reach 101 MPa was 
calculated as 584 kN. The panel was loaded using a ramp loading up to that 
maximum load and back to zero while recording the strain gauge 
measurements. 
Figure 5-6 and Figure 5-7 illustrate the location of the strain gauges. During the 
calibration, it was noticed that the strain gauge #2 did not work. The calibration 
measures are given in Figure 5-8 to Figure 5-10. The results are given in Table 
5 –4. It shows the maximum values obtained for each strain gauge. 
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Figure 5-6: Panel 1 strain gauge location – Front view (strain gauge 1, 2, 3, 4) 
 
Figure 5-7: Panel 1 strain gauge location – Back view (strain gauge 5, 6) 
  
 81 
  
Figure 5-8 : Strain gauge results from 
calibration at maximum load for strain 
gauge 1 – Panel 1. 
Figure 5-9 : Strain gauge results from 
calibration at maximum load for strain 
gauge 3 and 6; opposite strain gauges 
on skin side and stringer side – panel 1. 
 
Figure 5-10 : Strain gauge results from calibration at maximum load for strain 
gauges 3 and 6; opposite strain gauge on skin side and stringer side – panel 1. 
Table 5-4 : Strain gauge measurements for 2024 HDT baseline panel 
Strain gauge Location Max strain 
Modulus 
(MPa) 
Max stress 
(MPa) 
#1 
Skin-side / crack 
direction 
1.47x10-3 
71,000 
104 
#3 
Skin-side / 122 mm up 
the crack 
1.56x10-3 111 
#4 
Skin-side / 122 mm up 
the crack 
1.57x10-3 111 
#5 
Stringer-side / 122 mm 
up the crack 
1.58x10-3 112 
#6 
Stringer-side / 122 mm 
up the crack 
1.52x10-3 108 
One strain gauge that is of particular interest here is strain gauge #1 as it is 
used to check that the stress used for the test was close to the required 101 
MPa. It shows a value of 104 MPa in the location of strain gauge #1, which is 
3% higher than the 101 MPa expected. No load adjustment was performed. 
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Figure 5-8 shows a linear behaviour as measured by the strain gauge #1. This 
linear behaviour was also observed on the other strain gauges. This means that 
no geometrical non-linearity is observed on the panels. This is critical in 
determining the effect of the retarders as the behaviour is linear. 
 Panel 2: 2624 - T351 – bolted –reinforced (P_COU_02) 
Calculation showed that the cross section of this panel was 8149 mm2. Hence 
the maximum load to reach 101 MPa is 823 kN. Since the test machine is 
restricted to 800 kN, this is not an achievable load. Hence the method used 
here was to perform a calibration of the panel up to a maximum load of 790 kN 
and check the stress in a strain gauge position comparable to strain gauge 1 of 
the baseline. 790 kN was selected as the maximum possible load that could be 
used during the fatigue test in order to avoid possible failure of the machine. 
Figure 5-11 and Figure 5-12 illustrate the location of the strain gauges. The 
calibration measures are given in Figure 5-13 to Figure 5-16. The results 
obtained during the calibration at maximum load are given in Table 5-5. It 
shows the maximum strain and corresponding stress obtained for each strain 
gauge. 
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Figure 5-11 : Panel 2 strain gauge location – Front view (strain gauge 1, 3, 4, 8) 
 
Figure 5-12 : Panel strain gauge location – Back view (strain gauge 5, 6)2 
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Figure 5-13 : Strain gauge results from 
calibration at maximum load for strain 
gauge 1 – Panel 2 
Figure 5-14 : Strain gauge results from 
calibration at maximum load for strain 
gauge 3 – Panel 2 
 
  
Figure 5-15 : Strain gauge results from 
calibration at maximum load for strain 
gauge 8 and 5; opposite strain gauges 
on skin side and stringer side – panel 2 
Figure 5-16 : Strain gauge results from 
calibration at maximum load for strain 
gauge 4 and 6; opposite strain gauges 
on skin side and stringer side – panel 2 
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Table 5-5 : Strain gauge measurements for panel 2 - 2024 HDT reinforced panel 
Strain 
gauge 
Location 
Max 
strain 
Modulus 
(MPa) 
Max 
stress 
(MPa) 
#1 Skin-side / crack direction 1.38x10-3 
71,000 
97.7 
#3 
Skin-side / 54.5 mm from crack 
/ 178 mm from panel centre 
1.22x10-3 86.9 
#4 
Skin-side / 54.5 mm from crack 
/ 78 mm from panel centre 
1.51x10-3 107 
#8 
Skin-side / 54.5 mm from crack 
/ 234 mm from panel centre 
1.32x10-3 93.5 
#5 
Stringer-side / 54.5 mm from 
crack / 78 mm from panel 
centre 
1.28x10-3 90.6 
#6 
Stringer-side / 54.5 mm from 
crack / 234 mm from panel 
centre 
1.62x10-3 115 
Strain gauge #1 is used as a mean of comparison to the baseline panel as it is 
in a similar position to a strain gauge location of the baseline panel (strain 
gauge #1). 
The calibration showed a maximum stress of 97.7 MPa which is lower than the 
101 MPa required. Hence, it was decided to clip the spectrum again to a 
maximum stress of 97.7 MPa. All the cycles with maxima less than 97.7 MPa 
will be unchanged and only the cycles with stress maxima between 97.7 and 
101 MPa will be reduced. Strain gauge #4 and #6 show higher stresses with 
respectively 107 MPa and 115 MPa which can be explained by the proximity of 
the initial crack which will locally increase the stresses in the panel. Strain 
gauges #8 and #5 showed smaller strains than #1. All strain gauge measures 
were linear. 
The different levels of strain for the remaining strain gauges are due to their 
location. In fact as strain gauge #4 is the closest to the crack tip; it presents the 
highest strain level. Nevertheless the results obtained for strain gauge #3 are 
slightly anomalous as one would expect the strain to be higher than strain 
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gauge 8 in that location. This might be explained by the presence of the 
reinforcing stringer on the other side of the skin. 
The same method of calibration was applied to the remaining panels. The 
calibration results were shown in Table 5-2 and are reported in Appendix C. 
5.4 Panels bending measures 
Panel bending is calculated from opposite strain gauges on the skin side and on 
the stringer side placed on the panels. 
 2024 HDT baseline panel : Figure 5-17 shows the percentage of 
bending calculated according to the measurements performed on strain 
gauges 3&6 and 4&5 for the 2024 HDT baseline panel. 
 
Figure 5-17 : Bending percentage results for 2024 HDT baseline panel 
Figure 5-17 shows less than 5% bending in the panel. The higher values 
observed at the beginning of the test correspond to measurement errors and 
are not taken into account here. 
 2024 HDT reinforced panel : Figure 5-18 shows the percentage of 
bending calculated according to the measurements performed on strain 
gauges 8&5 and 4&6 for the 2024 HDT reinforced panel. 
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Figure 5-18 : Bending percentage results for 2024 HDT reinforced panel 
The level of bending for the 2024 HDT reinforced panel is less than 10% in both 
cases with 4 & 6 greater at the beginning of the calibration than 8 & 5. This can 
be due to the fact that the central stringer, near this location is totally broken, 
allowing more movement in that particular location.  
 2199 al-lith baseline panel : Figure 5-19 shows the percentage of 
bending calculated according to the measurements performed on strain 
gauges 3&5 and 1&6 for the 2199 al-lith baseline panel. 
 
Figure 5-19 : Bending percentage results for 2199 al-lith baseline panel 
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Overall, the level of bending for the 2199 al-lith panel is less than 10%. It is 
interesting to note though that the bending direction is different as the sign is 
negative. This may be due to changes in the geometry of the panel such as the 
skin thickness that was lower than the 2024 HDT panel skin thicknesses.  
 2199 al-lith reinforced panel : Figure 5-20 shows the percentage of 
bending calculated according to the measurements performed on strain 
gauges 3&5 and 1&6 for the 2199 al-lith reinforced panel. 
 
Figure 5-20 :  Bending percentage results for 2199 al-lith reinforced panel 
Overall, the level of bending for the 2199 al-lith reinforced panel is less than 
10%. As for the baseline panel, the bending direction is different as the sign is 
negative.  
 2099 ISP reinforced panel : Figure 5-21 shows the percentage of 
bending calculated according to the measurements performed on strain 
gauges 2&4 for the 2099 ISP reinforced panel. 
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Figure 5-21 :  Bending percentage results for 2099 ISP reinforced panel 
The level of bending for the 2099 ISP reinforced panel is less than 5% and in 
the same direction as the Al-lith panels. Bending appears to be lower for this 
panel in comparison to the other panels. This may be explained by the fact that 
this panel is fully machined, hence is stiffer than the other panels. 
Table 5-6 : Summary of bending percentage at maximum loads for panels (peak 
of loads for panels) and coupons 
Panel Skin BCR 
Bending 
stress 
(MPa) 
Bending 
% 
2024 HDT baseline 2024HDT No +1.5 1.5% 
2024 HDT reinforced 2024HDT Yes +1.45 1.5% 
2199 Al-lith baseline 2199 Al-lith No -5.7 5.6% 
2199 Al-lith reinforced 2199 Al-lith Yes -4.7 4.9% 
2099 ISP reinforced 2099 - T81 Yes -1 1% 
M(T) Airstream design (current) Yes 9.2 15.3% 
M(T) BCR design (former) Yes 4.7 7.8% 
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Under maximum loads, it shows that bending percentages are lower for the 
panels than for the coupons. It also demonstrate that there is variation in 
bending from one panel to another with positive bending that is less than 2% for 
the 2024 HDT panels and negative bending for the 2199 Al-lith panel that is 
around 5%. The ISP panel bending is at its lowest with only 1%. The difference 
in bending amounts from bolted to ISP panels may be explained by the 
difference in stiffness between the panels. In fact the stiffness for the ISP panel 
is higher than the one for the bolted panels if one compares the level of strain 
gauges at equivalent loads. 
Bending amounts are further discussed in Chapter 11 by comparing panel 
bending and coupons bending and the effect this may have on the life 
improvement for the BCR technology. 
5.5 Variable amplitude fatigue testing of panels 
The same procedure was followed for all the panels tested. The panel was first 
calibrated at its maximum load in order to check the maximum stress by use of 
the strain gauge installed on the panel. The panel was then either subjected to 
constant amplitude loading to initiate the crack – and then loaded under variable 
amplitude - or run directly in variable amplitude. 
The crack advance was measured optically by eye on the panel with the aid of 
scribe marks and a ruler with a precision of +/- 0.5 mm. The crack tip was 
marked using a permanent pen for each measurement and the crack length – 
right and left sides – were reported in a datasheet together with the number of 
cycles. In case of a crack appearing in an unexpected location the crack tip was 
also marked with the corresponding number of cycles elapsed. 
5.5.1 2024 HDT panels 
The baseline panel was tested with a maximum spectrum stress of 104 MPa, 
while the reinforced one was tested with a maximum spectrum stress of 98 
MPa. 
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The baseline panel failed after 231,938 cycles with a left crack length of 302 
mm and a right one of 390 mm where the panel was fully broken by the end of 
the test. The maximum load used for this baseline panel was 584.4 kN with a 
respective minimum load of - 109.6 kN. After failure of one side, the panel was 
statically broken using displacement control. Hence the panel had performed 
approximately 4 sequences of the variable amplitude spectrum. The crack 
propagated in the skin and the failure of the stringer was observed as the crack 
in the skin was located in the stringer area. 
The reinforced panel was first pre-cracked using a constant amplitude loading 
up to 134,535 cycles which resulted in crack lengths of 68.5 mm on the left 
hand side and 61 mm on the right hand side. The variable amplitude test was 
then started using the modified clipped spectrum with a maximum stress of 98 
MPa. The maximum load was set to 790 kN. The respective minimum load was 
-153 kN. The reinforced panel performed 389,100 cycles with a half crack 
length of 100 mm that had reached the rivet and the test had to be stopped 
because of failure occurring in other areas of the panel. Re-initiation of the 
crack from the bolt was performed with variable and constant amplitude loading 
but it proved un-successful. Instead, cracks appeared in other areas than the 
main crack (stringer run-out and holes of pin loading) and the test had to be 
stopped. 
Figure 5-22 shows a plot of the average half crack length vs. cycles for the 
reinforced and baseline 2024HDT panels. It can be seen that the baseline panel 
took 5 x 104 cycles to achieve a skin crack length of 100 mm. It shows a regular 
crack growth up to 50,000 cycles where a discontinuity in the data is observed 
due to the crack tip entering the first bolt hole. Then the crack growth stays 
regular up to 200,000 cycles where it accelerates rapidly up to failure. The 
reinforced panel took 389,100 cycles to achieve the same crack length- a life 
improvement ratio of 1.7. It shows a constant gradient from approximately 66 
mm up to 100 mm. However panels were tested at two different stress levels. 
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Figure 5-22 : Half crack length average vs. cycles comparison for 2024HDT 
baseline vs. 2024HDT reinforced 
Figure 5-23 shows the crack growth rates vs. average half crack length for the 
reinforced and baseline 2024HDT panels. It shows for the baseline panel that 
from the start of the test, the fatigue crack growth rate is accelerating from 
7.0x10-7 m/cycle to 8.0x10-7 m/cycle up to a crack length of approximately 80 
mm. From that point, the crack growth rate decreases up to 3.0x10-7 m/cycle for 
a crack length of 130 mm. Past this point, the crack growth rate accelerates 
again up to 8.0x10-6 m/cycle before final failure. The decrease in the fatigue 
crack growth rate is thought to be due to the stringer which slows down the 
propagation of the crack. The crack growth rate for the reinforced panel is 
varying from 7.0 X 10-8 m/cycle to 10-7 m/cycle; a small variation in crack growth 
rate in comparison to the baseline case. Nevertheless the crack growth rate is 
slowing at the early stage of the test before accelerating in the non-reinforced 
area and slowing down again as it reached the reinforced area. The variation in 
crack growth rate could be interpreted as a consequence of the straps as well 
as the presence of the stringer for that crack length. 
 93 
 
Figure 5-23 : Fatigue crack growth rates comparison for 2024HDT baseline vs. 
2024HDT reinforced 
The major difference between the reinforced panel da/dN and the baseline is a 
factor of between 3 and 10 difference in crack growth rates. 
At the end of the test the reinforced panel had multiple cracks in the area of pin 
loading at the stringer ends as well as in the skin and the stringer run-outs. The 
baseline panel which had only to endure 2 x 105 cycles had no signs of such 
failure. The 389,100 cycles that the reinforced panel performed were 
responsible for the crack advance only as this number does not take into 
account the numerous cycles used to re-initiate the crack from the rivet. 
The multiple cracks observed at the pin loading and the stringer run-outs can be 
explained as consequences of the loads being re-distributed due to the 
presence of the straps together with the fact that a crack did not re-initiate from 
the main crack. 
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Conclusions: 
 The presence of the retarder strap has improved the fatigue life of the 
baseline panel by a nominal factor of 6.9. In fact at equivalent crack 
length of 100 mm, the baseline panel performed 49,000 cycles for 
389,100 cycles for the reinforced one. 
 Crack growth rates in the strapped panel were reduced by a factor of 
between 3 and 10. The reinforced panel test had to be abandoned after 
almost 4 x 105 cycles because of cracking in other panel locations which 
had exceeded their fatigue life at this juncture (Figure 5-24).  
 Exploitation of the full life extension potential of bonded crack retarders 
requires accurate investigation of the design of the entire structure it is 
applied to in order to check for load redistributions. 
 The life obtained is several times the anticipated life of the aircraft. 
 
Figure 5-24 : Fatigue failure in stringer run-outs; away from crack location 
5.5.2 2199 Al-lith. panels 
The baseline was tested at a maximum stress of 102 MPa, while the reinforced 
panel was tested with a maximum stress of 96 MPa. 
The baseline panel performed 206,694 cycles with a total half crack length of 
390 mm as the panel was fully broken by the end of the test. It was tested under 
spectrum loading with a maximum load of 582 kN and a minimum load of -112 
kN. This was performed following constant amplitude loading for 3444 cycles 
with a maximum load of 500 kN and an R-ratio of 0.1 in order to initiate the 
crack which resulted in a 64 mm crack on the left and 60 mm on the right. The 
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crack propagated under variable amplitude for 194,800 cycles which produced 
a right hand crack of 182 mm and left hand one of 204 mm. At this point cracks 
were observed in the two stringers to the right and left from the central stringer 
that was cut. The right hand stringer failed first at 204,307 cycles while the left 
hand one- failed at 205,517 cycles. The test was then stopped and an additional 
1175 cycles were necessary to fail the panel entirely on the left. The panel was 
then statically pulled apart to fail the remaining ligament. Overall, the panel 
lasted 206,694 cycles with a complete failure on the left hand side (half crack = 
390 mm) and a partial failure on the right hand side (half crack = 265 mm). 
The reinforced panel performed 1,131,654 cycles with a half crack length of 
190.5 mm. The crack was first initiated under constant amplitude loading at an 
R ratio of 0.1 with a maximum load of 700 kN and a minimum of 70 kN. When 
the crack had grown 6 mm from the edge of the starter notch on both sides, the 
loading was switched to the variable amplitude loading spectrum with a 
maximum stress of 96 MPa. The maximum load was 790 kN while the 
respective minimum load was -156 kN. The crack continued to grow until it 
merged with the first fastener hole located at about 100 mm half crack length. 
This occurred at about 57,873 cycles. The test was stopped at this point and the 
fastener removed at each crack tip. A small saw cut 2-3 mm long was made at 
the opposite side (the outer) of each hole, and the end of the saw cut was 
sharpened with a razor blade cut. After this, testing was resumed under 
constant amplitude load. The crack successfully re initiated on each side of the 
crack and after growth of 2-3 mm, the loading was switched back to spectrum 
loading. Following this re initiation from the edge of the hole, the crack grew 
steadily at virtually constant rate, until it attained a half-length of 190 mm, and 
1,134,689 cycles, where the test was stopped, as test machine maintenance 
was required. 
Figure 5-25 shows a plot of the average half crack length vs. cycles for the 
reinforced and baseline Al-lith. panels. The baseline panel shows steady crack 
growth up to 50,000 cycles where a discontinuity in the data is observed. This 
corresponds to the first bolt. Then the crack growth stays regular up to 200,000 
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cycles where it accelerates rapidly up to failure. The presence of the stringer 
slows the propagation of the crack but once this stringer fails, the crack 
advance accelerates up to the final failure of the panel. It can be seen that there 
is virtually constant growth rate throughout the entire test of the reinforced 
panel. It shows that up to crack lengths of 190 mm (the limit of the strapped 
data) there is considerable benefit in the bonded straps with increases in life of 
up to a factor of between 5 and 6 (the life improvement ratio is 5.5 by the end of 
the test). The discontinuity in the curve at the fastener hole can be seen. The 
stringers do not appear to be influencing the crack growth. Nevertheless the 
panels were tested under two different stress levels. 
 
Figure 5-25 : Plot of crack half-length vs. cycles comparison for Al – lith. baseline 
vs. Al – lith. reinforced. 
Figure 5-26 shows the crack growth rates vs. average half crack length for the 
reinforced and baseline Al – lith. panels. It shows that for the baseline panel, 
from the start of the test, the fatigue crack growth rate remains fairly constant 
for 20 mm with a crack growth rate between 7.0x10-7 m/cycle and 8.0x10-7 
m/cycle, reducing slightly as it reaches the stringer to 5x10-7 m/cycle, before 
increasing steadily to failure at a final growth rate of 6x10-6 m/cycle. As for the 
reinforced panel, it can be seen that the crack growth rates begin at the very 
low value of 5x10-8 mm/cycle, increase to about 10-7 mm/cycle, and continue at 
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that rate almost unchanged for the rest of the test. The discontinuity at the 
fastener hole can be seen. As in the crack length cycles plot in Figure 5-25, 
there is little sign that the stringer lines are associated with local changes in 
crack growth rates. 
 
Figure 5-26 : Fatigue crack growth rates comparison for Al – lith. baseline vs. Al 
– lith. reinforced. 
It can be seen that crack growth rates in the strapped panel are reduced by a 
factor of between 5 and 6. The baseline panel shows some influence of the 
presence of the stringer, as growth rates decline as the stringer is approached, 
and increase as the crack tip moves beyond it. This behaviour is not observed 
in the strapped panel which after early crack acceleration has an almost 
constant crack growth rate throughout. 
Conclusions: 
 The reinforced panel demonstrate an increase in life with a factor of 4.5 
at equivalent crack length. 
 Crack growth rates in the reinforced panel demonstrate a reduction of 5 
to 6 compared to the baseline due to the presence of the straps. 
 98 
 The current test demonstrates the efficiency of BCR despite the fact that 
the panel have been tested under two different stress levels. 
5.5.3 2099 ISP reinforced panel 
Calibration was used like the previous panels in order to check the stress level 
of the 2099 ISP panel (reported in Appendix C). It was tested under variable 
amplitude loading clipped at 101 MPa (gated at 25 MPa) which corresponds to 
a maximum load of 712,555 N and a respective minimum load of -133,604 N. It 
reached the first rivet on the left (91.5 mm) after 193,640 cycles and the right 
hand crack reached the first rivet after 203,900 cycles. Constant amplitude 
loading at 600 kN and an R-ratio of 0.1 (freq. = 0.75 Hz) was applied in order to 
re-initiate the crack from the rivet. This was successful and the crack reached 
108 mm on the left hand side and 102 mm on the right hand side. The test was 
re-started under variable amplitude loading, growing the crack to 144 mm on 
the left hand side and 148 mm on the right hand side after 727,094 cycles. New 
cracks were detected in other panel locations than the main crack and it was 
decided to stop the test before complete failure of the panel (Figure 5-27, Figure 
5-28 and Figure 5-29). 
A crack appeared after 666,102 cycles at the end of a “pocket” machined into 
the rear surface of the skin (Figure 5-27) and kept growing during the rest of the 
test. Two additional cracks were observed at stringer run-outs (Figure 5-28) 
after 676,560 cycles. A fourth crack was detected on a similar location to the 
first one after 686,225 cycles (Figure 5-29). 
  
Figure 5-27 : 1st pocket crack (back and front) 
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Figure 5-28 : Stinger run-out cracks Figure 5-29 : 4th pocket crack 
 
Figure 5-30 : 2099 ISP panel front (left) and back (right) views after testing and 
un-gripping of the panel. Red circles mark the locations of the new crack 
initiations 
Areas of crack initiation away from the main crack can be attributed to two 
factors (Figure 5-30). The first concerns the crack that initiated on the pocket 
area after 666,102 cycles and in the second pocket area. In fact, both outer 
stringers had been friction steer welded to the rest of the panel (3 internal 
stringers) with visible marks of the steer weld on the Figure 5-30, where crack 
initiated. These areas are areas of residual stresses that may cause crack 
Friction steer 
weld marks 
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initiation. There is also an additional geometric effect due to the fact that the 
pocket is an area of stress concentration; hence this location was likely to have 
crack initiation. As concern the stringer run-outs initiations, these are also areas 
of stress concentration in the design of the panel. In addition, initiation on the 
left and right stringer of the middle one can be explained by load redistribution 
from the middle stringer that is totally severed. 
Figure 5-31 shows the crack length as a function of the cycles with the crack 
length calculated as the average crack length between the left hand and right 
hand crack. 
 
Figure 5-31 : Crack length Vs cycles for reinforced 2099 ISP panel 
The crack grew steadily up to a discontinuity at about 2 x 105 cycles and 90-100 
mm half crack length. This marks the point where the crack tip entered the first 
bolt hole at 90 mm and re-initiates at 100 mm on the other side of the bolt hole. 
The crack then shows a regular crack growth with a slight increase in growth 
rate as the crack progresses across the panel. At a crack length of 
approximately 133 mm / 666,000 cycles the crack growth rate is observed to 
increase significantly. 
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Figure 5-32 : 2099 ISP panel fatigue crack growth rates 
Figure 5-32 shows the crack growth rate as a function of crack length calculated 
from the data of the previous figure. The crack growth rate was observed to 
vary between 1.0x10-7 m/cycle and 3.0x10-7 m/cycle before the crack reaches 
the first bolt hole. In that area, the crack is propagating under the bonded strap. 
Hence variation in crack growth rate in that section may be due to the fact that 
the crack opening is restricted by the presence of the strap. Growth rate 
reduction towards the bolt was also observed for the bolted panel. This may be 
due to compressive residual stresses observed in the surroundings of the bolts 
as was observed by Syed [164] for bolted assemblies. 
The re-initiation of the crack from the bolt hole is marked by a much smaller 
growth rate with approximately 3.5x10-8 m/cycle which is the smallest rate 
observed during the test. When the crack re-initiated from the first bolt, the 
crack is still in a reinforced area. Hence the low crack growth rate can be 
attributed to first, the fact that there is re-initiation and also due to the presence 
of the first straps encountered by the crack (left and right of the central stringer) 
that act as a patch and redistribute the loads.  
crack reinitiates 
after CA loading 
crack has 
reached 1
st
 rivet 
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The rate then accelerated regularly up to 1.0x10-7 m/cycles before it accelerates 
very quickly, reaching the maximum observed during the test with a rate of 
2.4x10-7 m/cycle at the end of the test. The acceleration may be a consequence 
of the absence of a strap in that area that cannot redistribute the load and the 
fact that the effect of the first strap is not predominant in that area. The step in 
growth observed at 10x10-7 m/cycles may correspond to a change in thickness 
when the crack is located in the thinnest part of the panel without a 
reinforcement (skin only thickness) and starts to enter a thicker section that 
correspond to the start of the stringer area . 
In summary, the first part of the test where crack growth rate varies very quickly 
can be a mixture of the presence of the strap and residual stresses due to the 
bolt. The second part of the growth rate can be interpreted as first re-initiation of 
the crack and then changes in thicknesses in that area. 
Also, as other locations of crack propagation were observed during the test, this 
may actually slow down the propagation of the main crack. One parameter that 
was not investigated here could be the presence of delamination between the 
straps and the panel, which may contribute to changes in crack growth rates. 
Further FE analysis of this current panel in complement to the one conducted 
by Peyron [165] may help give a better interpretation of the results observed 
here. 
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5.6 Summary and conclusions 
The panel tests are summarized in Table 5-7 together with details of the tests 
and their fatigue performances. The max stresses given in the table are the 
stresses that were back calculated from the analysis of the strain gauge 
readings. 
Table 5-7 : Summary of panel test and performances 
Panel 
Max 
load 
(kN) 
Spectrum – 
Max stress 
(MPa) 
Test 
max 
stress 
(MPa) 
End of 
test 
status 
Total nb 
of cycles 
(crack 
length) 
% of 
improvement 
2024 HDT 
baseline 
585 
Spectrum (1) 
101 MPa 
104 
Fully 
broken 
231,938 
(390 mm) 
N/A 
2024 HDT 
reinforced 
790 
Spectrum (2) 
97.7 MPa 
97.7 
Part-
through 
crack 
389,100 
(100 mm) 
68% 
2199 al-lith 
baseline 
582 
Spectrum (2) 
97.7 MPa 
102* 
Fully 
broken 
206,694 
(390 mm) 
N/A 
2199 al-lith 
reinforced 
790 
Spectrum (3) 
96 MPa 
96 
Part-
through 
crack 
190 mm 
1,131,654 
(190.5 
mm) 
448% 
2099 ISP 712 
Spectrum (1) 
101 MPa 
104 
Part-
through 
crack 
727,094 N/A 
 
The % of improvement calculated for the 2024 HDT panels is 68% while the 
improvement for the 2199 al-lith panels is 448%. Hence there appears to be a 
much larger increase in fatigue life for the 2199 al-lith panels than for the 2024 
HDT panels. This can be explained by the fact that the % of improvement 
obtained for the reinforced panel are for different final crack length of the 
reinforced panel as full failure of those panels proved non successful. Hence to 
get a better comparison between the 2024 HDT panels and the 2199 al-lith 
ones, they must be compared at equivalent crack length (Table 5-8). 
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Table 5-8 : Summary of panel improvement at equivalent crack length 
Panel 
Comparative crack 
length (mm) 
Life for baseline 
panel 
Life for 
reinforced panel 
Life Ratio 
2024 
HDT  
100 49,000 389,100 6.9 
2199 
Al-lith 
180 
(96.25) 
189,750 
(38,750) 
1,054,550 
(484,660) 
4.6 
(11.5) 
 
It shows that for an equivalent crack length of approximately 100 mm, the life 
improvement ratio for the 2024 HDT panel is 6.9 (corresponding to a 694% of 
life improvement) and 11.5 (corresponding to an 1151% of life improvement) for 
the 2199 Al-lith panels. Hence it appears here that the 2199 Al-lith baseline 
panel has a lower life than the 2024 HDT one – at the same crack length – but 
the BCR technology then appears more beneficial for the 2199 Al-lith case as 
the reinforced panel reaches a larger life. This may be partly explained by the 
fact that the stress level used for the 2199 Al-lith reinforced panel was slightly 
lower than for the 2024 HDT one. 
From the panel test, it is possible to conclude that: 
 For bolted assemblies with 2624-T351 skins the addition of BCR to the 
design is beneficial with a life improvement of 6.9 between the baseline 
and the reinforced case (Table 5-7). This is directly related to a reduction 
of crack growth rates with a factor of 3 to 10 due to the presence of the 
straps. 
 For bolted assemblies with 2199-T8e80 skins the addition of BCR to the 
design is beneficial with a life improvement of 4.5 between the baseline 
and the reinforced case (Table 5-8).This relates to the reduction in crack 
growth rate with a factor of 5 to 6 due to the presence of the straps. 
 Despite the changes in applied stresses between the baseline and the 
reinforced panels for the two series of test, it can be said that BCR is a 
beneficial technology for the retardation of crack propagation in bolted 
assemblies for 2024-T351 and 2199-T8E80 skins that are submitted to a 
lower wing spectrum loading. 
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 As no baseline was tested for the 2099-T81 integrally machined panel, it 
is difficult to judge the efficiency of the technology for this case. 
Nevertheless, it showed the importance of load re-distribution with the 
appearance of new crack fronts due to the presence of the straps. 
 The increase in life improvement compared to coupons may be attributed 
to two factors. First there is a reduced amount of secondary bending as 
opposed to the reinforced M(T) specimens (Chapter 10 and 11). This will 
be reviewed in the discussion chapter. Second, there is a different mode 
of loading to the coupons case where the strap are loaded through shear 
loading while in the case of the panels, they are directly loaded in the 
loading grip, hence are submitted to more load than shear loaded 
specimens. 
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Chapitre 6 : Delamination testing of FM 94 adhesive 
bonds 
6.1 Introduction 
The test results given in Chapter 0 and the literature showed that one of the 
phenomena observed in BCR coupons was the presence of disbonding at the 
interface between the strap and the substrate. 
The objective of the current chapter was to establish a set of fatigue 
delamination growth rate data to be used as input in a finite element tool used 
to design bonded crack retarder structures. This would allow a fatigue approach 
to delamination rather than a static one as employed in previous calculation [50] 
Another objective was the choice of adhesive to be used for assembling the 
bonded crack retarders to the structure. FM94 epoxy adhesive [162] was used 
in the BCR-1 project where delamination was observed within the GLARE 
reinforcing straps [5]. In order to overcome this phenomenon, FM94/S2-prepreg 
[166] was also evaluated. 
This chapter describes the design, manufacture and test data of delamination 
research. 
6.2 Sample materials, design, manufacture and test matrix 
6.2.1 Materials 
The specimens used to investigate the different modes of fatigue delamination 
were all based on the same geometry. Two plates of aluminium (2024-T351) 
were bonded together with FM94 epoxy adhesive – or FM94/S2-prepreg 
adhesive – following the general bonding recommendations from Alcoa [160]. 
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 Adhesives 
 FM94/S2-prepreg adhesive 
FM94-S2 glass unidirectional (UD) tape is a toughened epoxy prepreg system 
that is used in Glare assembly (Figure 6-1). It consists of unidirectional Glass 
fibres within a FM94 matrix (60% fibre volume fraction). Properties are given in 
Table 6-1. 
Table 6-1 : FM94/S2-prepreg mechanical properties (for test temperature of 23 °C) 
Property Value 
Single lap shear strength, [MPa] 
EN2243-1 
0° fibre direction 
22 
Floating roller peel strength, [N/25 mm] 
EN 2243-2 
90° fibre direction 
150 
0° Tensile strength, [MPa] 
EN 2747 
1700 
0° Tensile modulus, [GPa] 
EN 2747 
50 
±45°C Tensile strength, [MPa] 
EN 6031 
200 
 
 FM94 epoxy adhesive 
The FM94 epoxy adhesive used to bond the specimens was provided by Cytec 
(Figure 6-2). FM94 adhesive is a 104°C service temperature, modified epoxy 
adhesive film designed to bond metallic and composite structures. FM94 is 
manufactured as a supported adhesive with a knit carrier. In the present case, 
FM94K film adhesive with a nominal weight of 293 g/m² was employed. It has a 
nominal thickness of 0.25 mm. The mechanical, properties of FM94 are detailed 
in Table 6-2. 
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Table 6-2: FM94 mechanical properties (for test temperature of 24 °C) 
Property Value 
Tensile shear [MPa] 
(ASTM D1002) 
46.6 
Floating roller peel [N/mm] 
(ASTM D3167) 
12.9 
Shear linear limit [MPa] 19.5 
Shear ultimate limit [MPa] 48.2 
Shear modulus [MPa] 823 
Fatigue (ASTM D3166-93) 
Max stress = 17.94 MPa ; R = 0.1 
Frequency = 30 Hz 
> 10
7
 cycles, no failure 
 
  
Figure 6-1 : FM94-S2 prepreg surface 
aspect after curing - disbonding 
specimen  
Figure 6-2 : FM94 surface aspect 
after curing - disbonding specimen 
 
 Adherent : 2624 - T351 
The adherent aluminium 2624-T351 was provided by Alcoa with the necessary 
surface treatment to have an adequate bonding. BR14737 primer was applied 
to the surface. 
6.2.2 Design and manufacture 
The acronyms used to define the mechanical tests samples are: 
 - DCB for Double Cantilevered Beam used for mode I disbonding 
 - ELS for End Loaded Split used for mode II disbonding 
 - MMB for Mixed Mode Bending used for the mixed mode disbonding 
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DCB and ELS specimen were prepared using two aluminium plates of 25 x 250 
mm, 5 mm thick bonded together. Because of the dimension of the jig used for 
the MMB tests, the width of the adherent was reduced to 20 mm with the same 
length, 250 mm.  
A 10 m thick PTFE film was introduced during the preparation of the specimen 
in the aluminium plates of the assembly in order to initiate disbonding during the 
tests. The initial disbonding length was set to 50 mm as recommended in the 
BS ISO 15024:2001 [167]. In order to take into account an 11 mm offset due to 
the presence of loading tabs on the specimen, a 61 mm long piece of PTFE film 
was placed between the adhesive layer and the aluminium substrate during the 
assembly process as illustrated in Figure 6-3. 
 
 
 
Figure 6-3 : DCB specimen 
The specimens were prepared individually rather than preparing a larger plate 
of specimens and then cutting the coupons in accordance with BS ISO 
15024:2001 [167]. In order to guarantee the positioning of the aluminium arms 
on the coupons, tape was used to clamp the assembly together (Figure 6-4). 
The procedure for preparing the specimens before bonding was the following 
one: 
1) Place PTFE release film on substrate arm 1, using tape to help maintain 
the position of the film. 
2) Apply adhesive layer on the full length of substrate arm 2. 
3) After removing any air entrapped remove the protective layer from the 
adhesive on substrate arm 2. 
4) Without any pressure, apply substrate arm 1 onto substrate arm 2. 
5) Check the alignment. 
6) Once the alignment is correct, apply pressure in order to guarantee the 
adhesion of one substrate to the other  
61 mm 
250 mm 
11 mm 
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7) Clamp the two assembled substrate on a minimum of two locations (each 
end) in order to guarantee the positioning during curing.  
 
Figure 6-4 : DCB test specimen after curing 
The specimens are then place under vacuum bagging for the bonding 
procedure [160]. 
 Heat at 3 C/min up to 121 C 
 Apply a 40 psi pressure 
 Cure at 121 C ± 3  C for 60 minutes 
Prior to testing, it was necessary to bond loading tabs at the end of the 
specimen in order to transfer the load to the specimens. A final step in the 
preparation of the specimen was to apply white paint on the side of the coupons 
and draw a scale. This allowed for monitoring of the disbond crack during 
testing (Figure 6-5). 
 
Figure 6-5 : DCB specimen with loading tabs, white paint and scale marks after 
testing 
6.2.3 Test matrix 
The tests were performed for two major objectives. The first one was looking at 
the type of adhesive with the investigation between the FM94/S2-prepreg and 
the FM94 through mode I testing. The second was to obtain fatigue 
delamination data in mode I, mode II and mixed mode to be used in the 
modelling design tool.  
loading tab 
scale mark 
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In the case of FM94/S2-prepreg, it was necessary to bond two layers together 
in order to reproduce a system similar to the one encountered in GLARE. One 
particular specimen configuration made use of the GLARE 2A-6/5 (0.4) as the 
arms of the DCB specimens as illustrated in Figure 6-6. These specimens were 
used in order to evaluate the fracture toughness and the mode I fatigue crack 
growth rate of a delamination within the GLARE itself. The specimens consisted 
of two straps of Glare bonded together with FM94. Prior to bonding, the external 
aluminium layer of one of the arms was unbonded in order to introduce an initial 
crack. A razor blade was used in order to “open” the sample from the outer 
layer of aluminium (Figure 6-7). A PTFE film was then placed in that interface in 
order to act as an initial delamination before bonding of the opposite arm. 
 
 
Figure 6-6 : DCB specimen made from 
GLARE  
Figure 6-7 : Razor blade 
introduced in Glare 
Table 6-3 shows all the mode I quasi static test specimens with details of the 
adhesive system and configuration as well as the substrate used for the arms of 
the DCB specimens. 
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Table 6-3 : Mode I quasi-static test matrix for DCB samples. 
 
Batch #1 was prepared directly by the sponsor Alcoa while the batch #2, #3 and 
#4 were prepared at Cranfield, with batch #3 using the Glare arms as described 
previously. 
Table 6-4 gives details of the tests that were performed in order to get the 
fatigue crack growth rates of FM94 adhesive systems in mode I, mode II and 
mixed mode. 
 
Batch Designation Adhesive Substrate Interface
DCB#1-1-S
DCB#2-1-S
DCB#3-1-S
DCB#4-1-S
DCB#5-1-S
DCB#6-1-S
DCB#7-1-S
DCB#8-1-S
DCB#1-2-S
DCB#2-2-S
DCB#3-2-S
DCB#4-2-S
DCB#1-3-S
DCB#2-3-S
DCB#1-4-S
DCB#2-4-S
DCB#3-4-S
DCB#4-4-S
DCB#5-4-S
DCB#6-4-S
DCB#7-4-S
DCB#8-4-S
DCB#9-4-S
DCB#10-4-S
DCB#11-4-S
#4
Cranfield 
specimens
FM94
2024 HDT
5 mm
BR 14737
N/A
prepreg/prepreg
substrate/prepreg
prepreg/prepreg
substrate/prepreg
#3
Glare
specimens
Glare 2A-6/5 (0.4)
FM94-S2
substrate/prepreg
#1
Alcoa 
specimens
#2
Cranfield 
specimens
2024 HDT
5 mm
BR 14737
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Table 6-4 : Fatigue delamination test matrix 
 
6.3 Testing methodology 
6.3.1 Mode I static delamination 
All quasi-static tests were performed on a Zwick Z010 screw driven testing 
machine fitted with a 2kN load cell. The test specimens were fitted in the test 
machine using a pins and clevises assembly together with the loading tabs that 
have been described in the previous paragraph (Figure 6-8). The tests were 
performed according to the standard BS 7991:2001 [168]. 
The test was started with a 1 mm/min displacement of the cross head. Load, 
displacement and crack length were recorded. A hand magnifier was used in 
order to get a better view of the delamination tip. The crack was grown for 
approximately 50 mm before the test was stopped and the load set back to 
zero. This allowed for enough data points to determine the fracture toughness. 
In order to investigate the fracture surface, the specimens were eventually 
completely failed. 
The fracture toughness evaluation of the DCB specimens was determined using 
the modified beam theory (MBT) [168]. 
Mode Batch Designation Adhesive Substrate
DCB#3
DCB#4
ELS#1
ELS#2
ELS#3
MMB#1 - pure mode II
MMB#2 - ratio = 0.75
MMB#3 - ratio = 0.75
MMB#4 - ratio = 0.5
MMB#5 - ratio = 0.25
Mode II
#4
Cranfield 
specimens
FM94
2024 HDT
5 mm
BR 14737
Mixed Mode
#4
Cranfield 
specimens
FM94
2024 HDT
5 mm
BR 14737
Mode I
#4
Cranfield 
specimens
FM94
2024 HDT
5 mm
BR 14737
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Figure 6-8 : Quasi static test set-up for delamination test 
6.3.2 Mode I fatigue delamination 
The mode I fatigue disbonding tests were performed on a 20 kN DMG hydraulic 
machine fitted with a 20 kN load cell. A pin and clevises system together with 
loading blocks was used to introduce the load/displacement into the specimens. 
All the test were performed at a frequency of 1 Hz. Displacement control was 
used rather than load control as it proved to be a more stable mean of applying 
the load. In fact load control would results either in a premature failure of the 
specimen with not enough data-points to establish the fatigue crack growth rate 
or a disbond arrest as described in [169]. Prior to the fatigue test, it was 
necessary to grow the crack for approximately 5 mm in order to pre-crack the 
specimen.  
This was performed according to the quasi-static protocol described before. 
This initial step was used in order to get an evaluation of the fracture toughness 
of the specimen. Moreover, this first step was necessary in order to evaluate the 
load to use for the fatigue test. In fact, the last load recorded during the pre-
crack was used as the load that will define the maximum displacement of the 
specimen. 
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Load (maximum and minimum), displacement, crack length and cycles number 
were recorded all over the test at regular intervals. An optical travelling 
microscope was used in order to locate the position of the crack tip with the help 
of the scale drawn on the specimen. The test was stopped once the fatigue 
crack growth rates reached values of 10-9 m/cycles or once the crack had 
reached a total length of 100 mm (50 mm from the crack starter). 
The MBT procedure was used in order to analyse the strain energy release rate 
during the fatigue test. The strain energy release rate can be calculated at the 
maximum and minimum loads. Hence, when considering the evolution of the 
crack growth rate, the results can be represented as a function of the maximum 
strain energy release rate GImax as well as the G = GImax-GImin (6-1). Some 
authors [171] also use the expression                
 
 (6-2) as an 
alternative. In the present case, GImax was employed to characterize the 
delamination data. 
The data reduction techniques in ASTM E647 [159] can also be applied in the 
present study. In the present case, the slope of the linear regression through 7 
points was used in order to evaluate the fatigue crack growth rates and the 
strain energy release rate averaged over these 7 points was associated to that 
fatigue crack growth rates. 
6.3.3 Mode II fatigue delamination 
There are various mode II delamination test that can be used to describe the 
fatigue disbonding of adhesives such as the 3 point bend end notched flexure 
(ENF), the stabilised end notched flexure, the 4 point bend end notched flexure 
and the end-loaded split (ELS) Figure 6-9. 
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Figure 6-9: 4 types of mode II delamination 
test methods [170] 
Figure 6-10: Mode II fatigue test 
set-up 
While mode I delamination testing has reach a standardization level [168], no 
standard has been established for the determination of mode II delamination in 
adhesive either for static or fatigue analysis [170]. Hence the present test was 
based on a quasi-static protocols for mode II delamination that are aiming to a 
standardization of the method [171] . The choice was made to perform the test 
using the ELS test configuration. This was performed following an ESIS TC4 
protocol [172] that gives directions and details specific to that type of tests. 
The ELS tests were performed on a 20 kN DMG hydraulic machine fitted with a 
20 kN load cell. A pin and clevises system together with a loading block was 
used to introduce the load/displacement into the specimens. The test set-up is 
shown in Figure 6-10. All the tests were performed in displacement control at a 
displacement ratio of R = 0.1 and a frequency of 1 Hz. The tests were stopped 
when the crack was 5 mm from the clamped area. The crack length was 
monitored at regular intervals using a travelling microscope. The load was also 
recorded during the test in order to calculate the SERR. The Experimental 
Compliance method was used to calculate the SERR. 
6.3.4 Mixed mode fatigue delamination 
The mixed mode fatigue delamination tests were based on the standard test 
method ASTM D6671/D6671M – 06 [173] using the test jig shown in Figure 
6-11. The proportions of mode I and mode II are adjusted by changing the 
distance between the loading point and the “mid-point’’ of the test jig. The ratio 
of mode is defined through the following equation: 
 118 
 
(6-3) 
As the distance L is kept constant, the distance e can be changed in order to 
vary the mode ratio. The mode ratio is independent of the crack length. The test 
specimens have the same configuration as the DCB and ELS. Test machine 
and monitoring systems were identical to mode I and mode II tests. The 
superposition of mode I and mode II is explained in Figure 6-12. 
 
 
Figure 6-11 : Mixed mode test jig 
 
Figure 6-12 : Superposition of modes on the MMB specimen 
The loading for each individual mode can be divided into two components PI 
and PII respectively associated to mode I loading and mode II loading which 
have the expression       
    
  
     (6-4) and       
   
 
   (6-5) where P is the 
loading applied in the MMB case. As the simple beam theory of a DCB 
specimen gives the expression of the mode I strain energy release rate 
   
      
 
       
 (6-6), by substitution of PI into that expression, one can obtain the 
   
 𝑇  
=
   
  +    
=
3  + 𝐿 2
3  + 𝐿 2 + 4 3  𝐿 2
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contribution to mode I strain energy release rate in the mixed mode bending 
case,    
     
          
    𝐿   (6-7). The same applies to the expression of GII 
for the ENF specimen,     
      
 
         
 (6-8). Substituting PII by its expression in 
the case of MMB gives the contribution of mode II to the MMB test,     
     
           
   𝐿   (6-9). 
Hence the total strain energy release rate for the MMB tests is 
 
(6-10) 
Note: In all expression given above, the constant are described as follows: 
- a = disbonding length (m) 
- e and L, tests parameters as described (m) as described in Figure 6-12 
- h = thickness of specimens arms (m) 
Further data processing techniques that include correction to the previous 
expression are developed in [173], [174]. 
6.4 Delamination test results 
6.4.1 FM94/S2-prepreg static toughness tests 
This section outlines the results of the specimens that used the FM94/S2-
prepreg as an adhesive system. The results are summarized in Table 6-5. 
Table 6-5 : FM94/S2-prepreg test specimen fracture toughness results 
 
 =
3 2 2
16𝑏2ℎ3𝐿2 11
 4 3  𝐿 2 + 3  + 𝐿 2  
Batch Designation Adhesive Interface GIC (J/m
2)
Type of 
failure
Average
Standard 
deviation
CoV
DCB#1-1-S 2450 Cohesive
DCB#2-1-S 1900 Cohesive
DCB#3-1-S 1850 Mixed
DCB#4-1-S 1100 Mixed
DCB#5-1-S 950 Adhesive
DCB#6-1-S 1650 Adhesive
DCB#7-1-S 900 Adhesive
DCB#8-1-S 1100 Adhesive
DCB#1-2-S 1400 Adhesive
DCB#2-2-S 2250 Cohesive
DCB#3-2-S 1300 Adhesive
DCB#4-2-S 1200 Adhesive
DCB#1-3-S 1775 Adhesive
DCB#2-3-S 1450 Adhesive
14%
30%
30%
33%
6%
555
344
601
71
230
1825
1150
1825
1250
1613
#1
Alcoa 
specimens
FM94-S2
prepreg/prepreg
substrate/prepreg
#2
Cranfield 
specimens
prepreg/prepreg
substrate/prepreg
#3
Glare
specimens
substrate/prepreg
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The FM94/S2-prepreg for the batch #1 showed an average GIC of 1825 J/m2 for 
the prepreg/prepreg interface and 1150 J/m2 for the substrate/prepreg interface. 
Both interface showed scatter – a usual observation for this type of tests. Batch 
#2 resulted in averages of 1825 J/m2 for the prepreg/prepreg interface and 1250 
J/m2 for the substrate/prepreg interface. In both case, there was greater GIC for 
the prepreg/prepreg interface than the substrate/prepreg interface. Cohesive 
failure and a mixture of cohesive and adhesive were generally observed for the 
prepreg/prepreg interface while adhesive failure was always observed for the 
substrate/prepreg interface. In batch #1 in particular, the interface moved from 
cohesive to adhesive during the tests for specimens DCB#3-1-S and DCB#4-1-
S as illustrated in Figure 6-13.  
In batch #3 cases, the average GIC is 1613 J/m
2. Multiple sites of delamination 
were observed with the initial front moving to a different interface as the crack 
was propagating. The toughness values were slightly smaller than the other 
batches. 
 
Figure 6-13 : DCB#3-1-S after testing showing the delamination front that moved 
from a cohesive failure to and adhesive one. 
The results demonstrate a coefficient of variation (CoV) of up to 33 % for the 
delamination investigation of the FM94-S2 adhesive system. There are no 
obvious correlation between the type of interface studied and the CoV. 
It is important to note that the relationship between the GIC and KIC is dependent 
of the square of KIC (GIC ~ KIC
2). Hence any change in the fracture mechanics 
behaviour of the coupons will largely impact the GIC results, hence raise the 
variability in the results. 
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In addition, the large CoV observed in this case can be explained by the 
following factors. 
 Fibre bridging due to the Glass fibre in the adhesive system was 
observed during testing (Figure 6-13) which may affect the result as 
multiple crack path were generated in that case; there was no longer one 
single crack path. 
 The CoV are calculated on small families with only 4 specimens per CoV. 
Hence the use of a larger number of coupons for statistical analysis may 
reduce the CoV. 
 Large variation for this type of test is not uncommon as highlighted in the 
literature [175], [176]. 
 
6.4.2 GIC values for specimens bonded with FM94 
This section outlines the results of the specimens that used the FM94 as an 
adhesive system. The results are summarized in Table 6-6. 
Table 6-6 : FM94 quasi static disbonding results 
 
The average toughness value is 1600 J/m2 with a large scatter. The failures 
were all cohesive in nature. The overall average value for the FM94/S2-prepreg 
was lower with 1512 J/m2 without considering the Glare specimens. 
Although the number of coupons in the family is larger than the previous results, 
the GIC values here also demonstrate quite a large CoV. It is likely that the 
number of specimens is still too small, considering the large variation in results 
that can be observed for this type of tests as outlined in the previous section. 
Batch Designation Adhesive Interface GIC (J/m
2)
Type of 
failure
Average
Standard 
deviation
CoV
DCB#1-4-S 750 Cohesive
DCB#2-4-S 1000 Cohesive
DCB#3-4-S 1850 Cohesive
DCB#4-4-S 1800 Cohesive
DCB#5-4-S 1950 Cohesive
DCB#6-4-S 2150 Cohesive
DCB#7-4-S 1400 Cohesive
DCB#8-4-S 1700 Cohesive
DCB#9-4-S 1750 Cohesive
DCB#10-4-S 1670 Cohesive
DCB#11-4-S 1590 Cohesive
1601 411 26%
#4
Cranfield 
specimens
FM94 N/A
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6.4.3 FM94 fatigue delamination crack growth - Mode I 
This section gives the results of the test performed under mode I conditions. It 
shows the results for the test conducted on the FM94 (DCB#3, DCB#4). Figure 
6-14 shows the results of the fatigue tests with the delamination growth rates 
given as functions of the strain energy release rate at maximum load (maximum 
displacement). 
 
Figure 6-14 : Mode I fatigue delamination growth rates for FM94 
The test results show very similar results in the two samples with little scatter. 
The test data show the fatigue crack growth rate for a range of strain energy 
release rate from 170 J/m2 to 1100 J/m2 with a delamination growth rate varying 
from 2.3x10-9 m/cycle to 2.1x10-5 m/cycle. The crack growth rate tends to a 
possible fatigue delamination growth threshold at Gmax = 200 J/m
2. 
6.4.4 FM94 fatigue delamination crack growth - Mode II-ELS samples 
Three test samples were used for mode II test at R = 0.1. ELS#1 was tested 
with a starting load of 1000 N. ELS#2 was tested with initial maximum loads of 
800 N, 700 N, 600 N and 500 N. ELS#3 was tested with an initial maximum load 
of 800 N. Figure 6-15 shows the test results. It gives the disbonding growth rate 
as a function of the total maximum strain energy release rate GII,max. 
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Figure 6-15 : 100% mode II fatigue disbonding growth rates for FM94 adhesive 
During the test, it was difficult to keep a regular crack growth rate as the crack 
grew fast or not at all. This is why there are only a few data points in some parts 
of the curve in Figure 6-15. Growth rates were slower for the same value of G 
than for the Mode I tests. 
6.4.5 FM94 fatigue delamination crack growth - mixed mode 
5 tests were conducted under mixed mode conditions, with one sample in 100% 
mode II, two samples with 75% Mode II; one sample with 50% mode II and one 
with 25% Mode II. All the specimens used the FM94 adhesive and were tested 
with an R-ratio of 0.1 (displacement ratio). 
 100% Mode II – mixed mode 
Different configurations were used during the test in order to cover a wider 
range of strain energy release rate and crack length. Hence the test was first 
started with the parameters e = 21.1 mm and L = 65 mm with a test performed 
under load control at respectively maximum loads of 1000 N and 800 N. The jig 
parameters were then changed to e = 31.1 mm and L =95 mm in order to cover 
a larger crack length, using load control with a maximum load of 800 N and 
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1000 N. In order to cover a larger range of strain energy release rate, it was 
then decided to perform the tests in displacement control with corresponding 
starting loads of 1000 N and 800 N. One final test consisted of using 
parameters e = 33 mm and L = 100 mm in order to accommodate more crack 
length. All the variants were conducted on the same specimen. Figure 6-16 
gives the results for the 100% mode II loading on the mixed mode jig. It gives 
the disbonding growth rate as a function of the total maximum strain energy 
release rate Gtot,max = GI,max + GII,max (6-11). 
 
Figure 6-16 : Pure mode II mixed mode bending delamination growth rates (R = 
0.1) 
The data show some scatter, with crack growth rates between 2.0x10-8 
m/cycles and up to 8.0x10-6 m/cycle covering a range of strain energy release 
rate between 700 J/m2 and 1500 J/m2. There is good agreement with growth 
rates obtained in Mode II using the ENF sample geometry. 
 75% mode II/25%mode I – Mixed mode 
Two specimens were tested with 75% mode II and 25% mode I. The test 
parameters used were e = 60 mm and L = 100 mm. Figure 6-17 gives the 
results for this configuration. It shows delamination growth rate as a function of 
the total maximum strain energy release rate (=GI,max + GII,max) for tests MMB#2 
and MMB#3. 
y = 2E-19x4.1251 
R² = 0.6516 
1.0E-09 
1.0E-08 
1.0E-07 
1.0E-06 
1.0E-05 
1.0E-04 
100 1000 10000 
d
l/
d
N
 (m
/c
yc
le
) 
Gtot,max (J/m²) 
100 % mode II 
 125 
 
Figure 6-17 : Mixed mode bending delamination growth rates with 75% Mode II/ 
25% Mode I (R = 0.1) 
The data show reduced scatter in comparison to the previous test, with crack 
growth rates measured between 9.0x10-9 m/cycles and up to 1.0x10-5 m/cycle 
covering a range of total strain energy release rate between 250 J/m2 and 600 
J/m2. The data show a steep gradient which means that a small change in the 
value of the total strain energy release rate will result in a large difference in 
delamination growth rate. 
 50% Mode II/50% Mode I – Mixed mode 
One specimen was tested with 50% Mode II and 50% Mode I (Figure 6-18). 
Two test parameters were used in order to cover a larger range of delamination 
length with e = 87.4 mm, L = 100 mm and e = 96 mm, L = 110 mm. 
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Figure 6-18 : Mixed mode bending delamination growth rates with ratio = 0.5 (R = 
0.1) 
The data show a reduced amount of scatter in comparison to the first test, with 
crack growth rates measured between 2.1x10-8 m/cycles and up to 9.7x10-6 
m/cycle covering a range of total strain energy release rate between 280 J/m2 
and 450 J/m2. As for the 0.75 ratio the set of data shows a steep gradient. 
 25% Mode II/75% Mode I 
Two specimens were tested with 25% Mode II. The test parameters used were 
e = 183 mm, L = 110 mm for both specimens. Figure 6-19 shows the results. 
The delamination growth rate is shown as a function of the total maximum strain 
energy release rate Gtot,max = GI,max + GII,max. 
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Figure 6-19 : Mixed mode bending delamination growth rates with ratio = 0.25 
The data show a reduced amount of scatter in comparison to the first test, with 
crack growth rates measured between 2.9x10-8 m/cycles and up to 1.2x10-5 
m/cycle covering a range of total strain energy release rate between 250 J/m2 
and 750 J/m2. 
6.5 Summary and conclusions 
6.5.1 Static toughness GIC – choice of adhesive 
The mode I toughness tests summarized in Table 6-7 explored the influence of 
a number of variables on the values obtained. 
(a) Location of the pre-crack : On the substrate interface or within the 
adhesive FM94/S2-prepreg, tests showed that failure within the adhesive 
gave greater toughness (mean of 1825 J/m2) than failure at the substrate 
interface (mean of 1337 J/m2), a 36% difference. 
(b) Location of sample manufacture : FM94/S2-prepreg samples 
manufactured by Alcoa and by Cranfield, both tested at Cranfield showed 
no significant difference in toughness. 
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(c) Comparison of FM94/S2-prepreg and FM94 toughness : Average FM94 
adhesive toughness was 1601 J/m2; that of FM94/S2-prepreg was 1512 
J/m2; a 5% difference. 
Table 6-7 : Mode I quasi static test summary of results 
 
Average values of Mode I GIC measured in this work were consistently about 
60% (1600 - 1800 J/m2) of values reported in previous work and in published 
literature (up to 3,000 J/m2). The FM94/S2-prepreg toughness never 
reached the value of 3,000 J/m2 observed on tests by Politechnico di Milano 
[158]. In those tests, the delamination was grown within a GLARE 3/2 
laminate bonded between aluminium plates, rather than directly between 
two plates bonded with FM94/S2-prepreg. The observation that delamination 
growing between two plates bonded with FM94/S2-prepreg have a GIC value 
of 1300 J/m2 (average of substrate/prepreg interface) whereas if the 
delamination was growing within GLARE a value of 3,000 J/m2 would be 
obtained, suggested that if AIRSTREAM used the FM94/S2-prepreg to bond 
the crack retarders rather than FM94, inferior crack retardation would result. 
Laine Pearce in his investigation of fatigue crack growth rates in M(T) 
samples with bonded straps [116] found much inferior BCR performance 
when using FM94/S2-prepreg than was found in the first BCR project which 
used FM 94 where the delamination crack grew in the GLARE. 
Because FM94 had greater toughness than FM94/S2-prepreg, the former 
was chosen for sample manufacture in the rest of the project. 
Batch Adhesive Interface Avg GIC (J/m
2) Type of failure
prepreg/prepreg 1825 1825
substrate/prepreg 1150 1338
prepreg/prepreg 1825
substrate/prepreg 1250
#3 substrate/prepreg 1613 1532.6
#4 FM94 N/A 1601 1601
FM94-S2
#1 
#2
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6.5.2 Effect of mixed mode loading on delamination crack growth 
rates for FM94 
Figure 6-20 illustrates the combined results obtained from mode I, 100% mode 
II tests and all mixed mode tests with 25, 50 and 75% Mode II loading. 
 
Figure 6-20 : FM94 (new) combined results 
There are two groups of data in this chart. The first group comprises mode I and 
all mixed mode apart from the 100% mode II. The other group is the 100% 
mode II data. The first group has delamination growth rates that are 50% 
greater than the 100% mode II for the same values of Gtot,max (=GI,max+GII,max). 
One interesting observation is that mixed mode (Modes I/II) tests containing 
25,50 and 75% of Mode II have similar growth rates to those found in tests 
using 100% mode I, when expressed in terms of maximum SERR, Gtot,max 
=GI,max+GII,max. 
The data obtained from this test are directly used for the calculation of the 
delamination advance of BCR structures, as outlined in the next sections.  
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6.5.3 Study of the crack growth rates and comparison to other data 
 Comparison Mode I/Mode II 
Figure 6-21 presents the results of pure mode I and pure mode II. It shows that 
the results for Mode I demonstrate lower values of SERR than the mode II 
SERR under the same R-ratio of 0.1 at equivalent crack growth rate. It was also 
observed in past studies [5] that the fracture toughness for FM94 epoxy 
adhesive was higher for mode II than mode I, with GIC = 3000 J/m
2 and GIIC = 
9000 J/m2 which qualitatively correlates with the results shown here. As a 
consequence, for a same level of strain energy release rate, delamination is 
faster for mode I than mode II. The difference in crack growth rates may also be 
attributed to the fact that during mode II propagation, friction will reduce the 
disbond propagation hence making it more difficult for the crack to propagate as 
suggested in [177]. 
Figure 6-22 to Figure 6-24 are data obtained from the literature on the study of 
fatigue delamination under mixed mode conditions in different composite 
laminates. Data have been re-plotted in order to use similar expression of strain 
energy release rate as the one used in Figure 6-21. The linear regression 
obtained from the data is used here for means of comparison. The trend is 
similar to the one found with the FM94 adhesive with a specific distribution of 
mode I and mode II. 
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Figure 6-21 : Delamination growth rate, 
versus total SERR(max) for FM94 epoxy 
adhesive – Mode I and mode II cases 
 
Figure 6-22 : Delamination growth 
rate, versus range of SERR for 
unidirectional glass/epoxy laminates 
(E-glass fibre/M10 epoxy resin - 
VICOTEX) – Mode I and mode II cases 
–[174] 
 
 
Figure 6-23 : Delamination growth rate, 
versus SERR(max) for T300/#3100 – 
Mode I and mode II cases –[178] 
Figure 6-24 : Delamination growth 
rate, versus SERR(max) for 
T800H/#3631 – Mode I and mode II 
cases – [178] 
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 Mixed mode cases 
The analysis of mixed mode delamination shows that the mixed mode cases 
are all in the same data range as the pure mode I in terms of level of SERR and 
crack growth rates, with lower levels of SERR as opposed to the pure mode II. 
Figure 6-25 shows the results of the single mode (I and II) and mixed mode as 
reported earlier. Figure 6-26 to Figure 6-28 show the results of fatigue crack 
growth delamination obtained for 3 different composite laminates under mixed 
mode conditions of delamination. 
  
Figure 6-25 : Delamination growth rate, 
versus total SERR(max) for FM94 
epoxy adhesive – Mixed Mode cases 
Figure 6-26 : Delamination growth rate, 
versus range of SERR for 
unidirectional glass/epoxy laminates 
(E-glass fibre/M10 epoxy resin - 
VICOTEX) – Mixed Mode cases [174] 
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Figure 6-27 : Delamination growth 
rate, versus range of SERR for 
T700/QY811carbon/bismaleimide 
composite– Mixed Mode cases [179] 
Figure 6-28 : Delamination growth rate, 
versus range of SERR for 
T800/#3631carbon/bismaleimide 
composite– Mixed Mode cases [178] 
They demonstrate the same behaviour as the one obtained for the FM94 
adhesive with mixed mode fatigue crack growth data embedded into the pure 
mode I ranges of SERR and crack growth rates but with a well-marked 
difference with pure mode II results. 
In particular, one can observe in Figure 6-28 that with a mixed ratio of 84%, the 
results are unchanged. Hence even with a small amount of Mode I (16%) in a 
mixed mode case, the results tend towards a mode I behaviour. 
Figure 6-29 illustrates the distribution of the fracture toughness for several 
mixture ratios from pure mode I to pure mode II for an IM7/E7T1 graphite 
epoxy. In that case, it shows fewer variations from 0 to 0.5 mixtures than above 
0.5 with a non-monotonic behaviour. Hence this may explain the critical 
contribution played by mode I in the delamination mechanism. 
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Figure 6-29 : Mixed mode I and II 
delamination criterion [180] 
This behaviour can be explained by the role played by friction for mode II 
delamination. In fact the mode II mechanisms is controlled by the shear 
stresses at the interface between the two adherents and the compression state 
between the two adherent increases the friction which results in a larger amount 
of energy required to propagate the delamination. This was demonstrated in 
[177] and Blackman [181] also commented on the fact that friction will oppose to 
the shear displacement. Hence in the case of mixed mode delamination with 
low amounts of mode I, the friction is mainly reduced which makes it easier for 
the delamination to propagate due to the slight amount of opening mode (mode 
I) that reduces the compression between the two adherents. 
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Chapitre 7 : Calculation of substrate K values in 
structures containing BCR 
The present chapter describes the modelling techniques used to study BCRs 
and to develop a design tool for fatigue life prediction. 
7.1 Mechanisms operating when a fatigue crack encounters a 
BCR 
One of the difficulties in modelling bonded crack retarders is to include the 
different mechanisms that are operating and also that all these mechanisms 
interact with each other. Figure 7-1 shows a reinforced coupon with the 
substrate lead crack, disbonding and the crack bridging effect. 
 
Figure 7-1 : BCR mechanisms (view of half M(T) specimen) 
Lead crack in substrate: This is the main damage form. 
Secondary bending: The reinforcement is applied on one side of the sample 
only. Hence the neutral axis of the specimen is no longer at the mid-plane of the 
substrate but is shifted towards the reinforcement. When the specimen is 
loaded the plate tries to get back to its neutral axis creating out of plane bending 
(Figure 7-2). This effect needs to be taken into account in the calculation of the 
stress intensity factor either through the use of 3D elements or by using a 
Reduction in K
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specific formulation as developed by Boscolo in [103], [104] when using 2D 
elements. 
 
 
Figure 7-2: Secondary bending mechanism 
Thermal residual stresses (TRS): Bonding straps at elevated temperature will 
result in residual stresses in the substrate and strap at room temperature, since 
the substrate and strap materials have different coefficients of thermal 
expansion (Figure 7-3). Residual stress magnitude and distribution will change 
during the crack propagation. The residual stresses will influence fatigue crack 
growth rates. 
 
Figure 7-3: Specimen after curing -Thermal residual stresses effect with out-of-
plane bending 
According to the measurements performed by Syed in [163] and illustrated in 
Figure 7-4, the longitudinal residual stresses are low tensile residual stresses, 
of ~ 20 MPa in the substrate with no significant variation through the thickness 
and across the width of the specimen. 
  
deflection 
deflection due to thermal residual stresses 
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Figure 7-4 : Longitudinal residual stress measurement on M(T) specimen at z = 
1.5 mm and z = 3.5 mm through specimen thickness 
Crack bridging effect: The strap will limit the substrate crack opening 
displacement under cyclic loading, resulting in reduction in the stress intensity 
factor and consequently the fatigue crack growth rate. 
Disbonding of adhesive layer: While the substrate crack develops underneath 
the strap, fatigue delamination is observed in the adhesive layer [7]. The 
delamination may reduce the effectiveness of the crack bridging and hence 
increase K value (Figure 7-5). 
 
Figure 7-5 : Schematic delamination shape 
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Sample gripping: During fatigue tests, each end of the substrate were clamped 
in the gripping system restricting the out of plane secondary bending (Erreur ! 
Source du renvoi introuvable.). 
  
Figure 7-6 : Back view of sample gripping system showing boundary condition 
over specimen during testing 
 
7.2 Assumptions used in construction of FE and fatigue crack 
models 
 Strap behaviour 
No damage or delamination within the strap is considered in the FE model. It is 
assumed that the straps stay undamaged and disbonding only occurs at the 
interface between the strap and the substrate. 
 Substrate crack profile 
In a sample with a bonded strap, if the test sample is sufficiently thick, the 
substrate crack front will be an asymmetric curved shape through the thickness 
Upper grip 
Lower grip 
Reinforced middle crack tension specimen 
(back view – reinforcements are on the other 
side 
Polished area for crack monitoring 
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with a longer crack length on the back side than on the retarded reinforced side 
(Figure 7-7). 
 
Figure 7-7: Substrate crack curved crack profile for reinforced M(T) specimen 
MTR1 
Since the model uses only one element through the substrate thickness, the 
substrate crack length was assumed the same on the reinforced and on the 
back side. 
 Disbonding at strap/substrate interface 
The model was constructed with three parts representing the substrate, 
adhesive layer and strap. Hence two disbonding interfaces were possible, either 
between the substrate and the adhesive or between the adhesive and the strap. 
A choice was made to have disbond located at the interface between the 
substrate and adhesive (Figure 7-8). 
 
Figure 7-8 : definition of disbonding interface (between substrate and adhesive 
layer) 
 Disbonding restrictions 
Based on observations made during testing of M(T) coupons [116], [161] it was 
assumed that the disbonded area had the same length as the substrate crack 
and was behind the substrate crack tip. It was assumed that disbonding will only 
extend at the maximum cyclic load and calculation of the incremental increase 
was performed at maximum load. 
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The increment was calculated based on the number of cycles required to grow 
the bonded side substrate crack.  Further details of the calculation are given in 
Chapter 8. 
 Out-of-plane bending and crack bridging effect 
The out-of-plane bending and crack bridging effects were incorporated in the FE 
model by means of realistic boundary conditions and the choice of elements 
(3D elements). 
7.3 Finite element model by ABAQUS 
Commercial finite element software ABAQUS version 6.12-2 was used for the 
modelling work. The model is of a reinforced M(T) specimen shown in Figure 
7-9. The model consist of three layers of continuum shell elements  
representing the substrate, adhesive layer and strap, which are linked together 
with constraint and contact conditions to simulate the bonding between the 
different layers and the possible disbonding created between those layers. 
Due to the double axial symmetries (X and Y) only one quarter of the specimen 
was modelled. That implies the application of specific boundary conditions given 
later. 
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Figure 7-9: M(T) specimen, geometry and FE model 
7.3.1 Finite element types 
3D analysis was chosen to simulate the BCR design using 8-noded hexahedron 
continuum shell elements (designated as SC8R in ABAQUS), and general 
purpose finite membrane strain elements [145]. These elements defined the 
initial geometry of the surface by discretization of the three dimensional 
structure of the specimen (each layer in the case of M(T) specimens) in the 
same way as 3D solid elements. The advantage of such elements is that only 
one element through the thickness needs to be used for each layer of the 
assembly because there are no restrictions on the aspect ratio. Hence all layers 
(substrate, strap and adhesive) used these continuum shell elements – SC8R – 
for each discretized part of the specimens. The bonding between each part was 
then modelled through the use of tie constraint or specific contact constraint to 
allow for delamination to propagate. No specific elements such as cohesive 
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elements of X-fem solution was used in the current model. All models used the 
element quoted above. 
7.3.2 Interaction properties 
One of the main difficulties in this case is to model the interaction between all 
surfaces. As mentioned earlier, it is assumed that a disbond will only propagate 
at the interface between the strap and the substrate. Hence the disbond is 
modelled in the adhesive layer.  
Every layer of material was represented in the model with one layer for the 
substrate, one for the adhesive and one for the reinforcement. The disbond was 
assumed to be an adhesive failure. 
 Interface with no delamination: “Tie” constraint. 
This constraint was defined at the interface between the strap and the adhesive. 
The tie constraint is a surface based constraint that ties two surfaces together 
so that the nodes of the respective surfaces have coupled behaviour with 
identical motion.  
 Interface of disbond: “Disbond” option. 
For the disbond, a contact interaction is defined. This is a surface-to-surface 
definition of a contact that can be restricted to a certain area defined by the 
node bonded to a surface in that particular area. This contact is associated with 
a contact interaction property for which details are given in Table 7-1. 
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Table 7-1: Contact properties for disbond simulation 
Tangential 
behaviour: 
Friction formulation =  Penalty 
 Friction =  Friction coef. = 0 
Normal behaviour: Pressure Overclosure =  “Hard” Contact 
 Constraint enforcement method =  Default 
Geometric 
properties 
(left to default) 
When defining the contact interaction it is necessary to select the property 
previously defined. It is also required in the “Bonding” menu to select the option 
“Limit bonding to slave nodes in subset” and select here the subset that 
correspond to the bonded area. This is an important step in the definition of the 
model as this will restrict the bonding to a certain area and will allow for the 
calculation of further disbond in the model as the crack is advancing into the 
substrate. 
Abaqus includes a module that offers the possibility to specify the crack/disbond 
propagation between two surfaces that are initially partially bonded through the 
“*Disbond’’ option based on the virtual crack closure technique (VCCT).  
In order to use the “*Disbond’’ option, the user needs to specify a “*Fracture 
criterion”. Reeder’s criterion [199] was used in the model with artificially high 
critical value of parameters in order to prevent the static delamination and allow 
for the design tool to automatically calculate the fatigue disbonding. The Reeder 
law is defined by GIC, GIIC, GIIIC and . These parameters are directly entered in 
the Abaqus code of the input file (file that defines the whole analysis). Detail of 
that code is given in Figure 7-10. 
 
Figure 7-10 : Input file code 
In the present model, this option was used to evaluate the Strain Energy 
Release Rate (SERR) at the delamination front as the VCCT is directly 
embedded in Abaqus code. The value of the SERR was then used to calculate 
GIC GIIC GIIIC 
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the disbond growth rate using the adhesive fatigue crack growth rates obtained 
from fatigue delamination data given in Chapter 6. 
7.3.3 Material models 
All the materials in the model were modelled as linear elastic. The adhesive and 
the aluminium substrate have isotropic properties whereas the Glare fibre metal 
laminate has orthotropic properties. 
The Glare was modelled through the composite layup option available in 
Abaqus, in the Property module. The user can define a composite material 
through the definition of its different layers. The orthotropic definition of Glare 
comes from the S2-prepreg layers which are glass fibre reinforced epoxy 
adhesive layer. They were defined in the model through the ‘’Lamina’’ data 
detailed in Table 7-2. 
Table 7-2 : Lamina mechanical properties of S2-prepreg [156] 
Material E1 (MPa) E2 (MPa) 12 G12 (MPa) G13 (MPa) G23 (MPa) 
S2-
prepreg 
50300 5500 0.31 1995 1995 2099 
Material CTE11(°C
-1) CTE22(°C
-1) CTE33(°C
-1) 
S2-
prepreg 
2.88x10-6 4.03x10-5 4.03 x10-5 
Abaqus gives a schematic representation of the composite layup shown in 
Figure 7-11. This allows checking the orientation of any layers. 
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Figure 7-11 : Composite layup representation (Abaqus) 
7.3.4 Thermal residual stresses  
The thermal residual stress distribution was calculated by FE analysis. In order 
to take into account the residual stresses generated during the curing process, 
a ‘’predefined field” of temperature T was applied to the structure that 
simulated the drop of temperature associated with the curing process. 
The curing temperature recommended by the manufacturer for FM94 is Tc = 
120°C [162]. Assuming a room temperature of Tc = 20°C, the temperature 
difference is: T = 20 - 120 = -100°C. The values used for the simulation are 
given in (Table 7-3) 
Table 7-3 : Thermal expansion coefficients 
Material Coefficient of Thermal Expansion (m/m/°C) 
2624 -T351 [152] 2.32x10-5 
FM94 [162] 0 
FM94/S2-prepreg [166] 
11 = 2.88x10
-6 
22 = 4.03x10
-5 
33 = 4.03x10
-5 
2024 -T3 [156] 2.32x10-5 
As the crack propagates in the substrate, the substrate residual stresses will 
redistribute. That is why the predefined temperature field must be kept in both 
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steps in order to make sure that the residual stresses are taken into account 
during the simulation of the loading process. 
In the present case of AA2624-T351 reinforced with Glare 2A 6/5 (0.4), as the 
substrate coefficient of thermal expansion is higher than that of Glare, the 
substrate will expand more during the curing process. Hence it will be restricted 
by the Glare strap when returning to the room temperature resulting in tensile 
residuals stresses in the substrate as illustrated in Figure 7-4. Those tensile 
residual stresses will promote crack opening and consequently increase the 
crack propagation rate. 
When simulating the residual stresses, particular care must be taken in the 
definition of the boundary conditions as the specimen is not restricted during the 
curing process while it is constrained by the test machine during the loading 
process. Details of the boundary conditions used in the analysis are given in the 
next section. 
7.3.5 Analysis steps, loading and boundary conditions 
Two major stages need to be modelled in order to simulate accurately the 
testing of the reinforced specimens. The first stage is the curing process which 
is described in the previous section. The second is the mechanical loading 
process. For each stage, specific boundary conditions are applied. 
 Boundary Condition Set 1: Curing process 
During the curing process the reinforced specimen is simply supported by a 
table placed in the autoclave. After curing the specimen will have thermal 
residual stresses due to the mismatch of the thermal expansion coefficients and 
the elastic modulus. Hence the first set of boundary conditions has the double 
symmetry boundary conditions applied to the specimen due to the modelling of 
only one quarter of the specimens.  
 Set 2: mechanical loading process 
During the second step of the analysis, the previous set of boundary conditions 
is kept. The clamping conditions applied during testing (Erreur ! Source du 
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renvoi introuvable.) need to be simulated to restrict the specimen movement 
over a clamp length of 50 mm. This is defined through a node set that encloses 
the top and bottom surfaces of the substrate over a length of 50 mm. Two 
boundary conditions are applied to the previously defined node set, to constrain 
the movement of the specimen to a longitudinal movement only – no rotation 
allowed. The boundary conditions on the substrate section that simulates the 
crack path will be changed by node release during modelling of the crack 
advancement. 
A loading condition is then applied to the specimen top section in order to 
simulate the maximum and minimum loads applied to the coupon. All these 
boundary conditions are illustrated in Figure 7-12. 
 
Figure 7-12 : Boundary conditions for quarter of reinforced M(T) specimen 
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When solving the problem above, geometrical non-linearity must be used to 
calculate the solution. This is due to the presence of the strap causing nonlinear 
behaviour of the assembly. 
7.4 Determination of stress intensity factor K 
The Modified Virtual Crack Closure Technique (MVCCT) also referred to as the 
VCCT in its earlier versions, is used in this work.  
The Virtual Crack Closure Technique (VCCT) [42], or modified version 
(MVCCT), is based on Irwin’s crack closure integral method [25] that states that 
the strain energy released when a crack is extended to a certain amount a is 
the same as to close that crack by a. The drawback of the crack extension 
method is that two finite element calculations are required in order to obtain the 
strain energy release rate (SERR) at the crack front. This was later simplified 
through the Modified Virtual Crack Closure Technique that showed that the 
state of the crack tip from a+a to a+2a (2 analysis) is not significantly 
changed. Hence, only one analysis is required. 
The general expression of the mode I strain energy release rate is the following 
one, as illustrated in Figure 7-13. 
    
 
   
𝐹        (7-1) 
where F is the reaction force at the crack tip node, w1 and w2 are the 
displacement on each side of the crack as shown in Figure 7-13, A = axb (7-
2) is the area virtually closed with a corresponding to the length of the crack 
increment (= finite element length) and b corresponding to the width of the 
elements. 
As the specimen studied in this research have a symmetric configuration, w1 = - 
w2. The expression of the mode I SERR can then be re-written as: 
    
 
  
𝐹     (7-3) 
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Figure 7-13: VCCT for 8 nodes continuum shell elements (SC8R) – Through 
thickness view 
Assuming the plane stress condition, the stress intensity factor is then 
calculated using the expression: 
             (7-4) 
where E is the Young’s modulus of the material used for the substrate. 
One of the advantages of this technique is that it is not highly mesh size 
dependent, hence the mesh defined at the crack tip does not need to be refined 
to the smallest size like the displacement method. 
In the present case, force and displacement are directly obtained from the 
output database file. The geometric factor  is then obtained using the 
relationship          (7-5) which gives  
 
    
   (7-6). Further details of the 
calculation are outlined in the next chapter. 
 Thickness considerations 
For single sided reinforced coupons stress intensity factors are calculated for 
the bond side Kbond and the back side Kback, for a symmetric crack front (Figure 
7-14). Loads and displacements necessary for the calculation are extracted 
from the crack tip nodes respectively located on each side, as illustrated in 
Figure 7-14. 
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Load Displacement 
 
 
Figure 7-14 : Load and displacement extraction from FE model 
The MVCCT formulation described in the previous section is then used in order 
to calculate the stress intensity factor for bond and back faces. 
Fbot 
Ftop 
Utop 
Ubot 
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Chapitre 8 : Fatigue Life Improvement Calculation  
The fatigue life of bonded samples can be calculated by integration of crack 
growth rate data once the relation between ∆K and crack length is known. One 
of the necessary steps is to calculate the stress intensity factor coefficient  
(normalized stress intensity factor) as a function of crack length for the relevant 
bonded coupon or structural geometry. 
The approach used in this research was to incorporate the effect of all major 
interacting parameters such as thermal residual stresses, secondary bending 
and delamination into the value of β. A scripted calculation routine entitled 
ReSLIC was developed in order to calculate the evolution of β with crack length 
in bonded samples. Calculation assumptions were the following ones. 
- Secondary bending is considered through the choice of a 3D model with 3D 
elements. 
- Thermal residual stresses are introduced by the use of a curing step in the 
analysis and consideration of thermal residual stresses for the post-processing 
of the FE results (incorporation of residual stress into ∆Keff). 
- Distribution of stress through the thickness is calculated through a 
weighted method as developed by Boscolo [50] 
- Disbonding is evaluated during the crack growth iterations. 
- Non linearity is considered through the solver solution that takes into account 
the geometric non-linearity of the problem. 
All other mechanism such as gripping, crack bridging effect and lead crack 
growth were taken into account by definition of boundary conditions, interface 
definition in the model and iterative calculation.  
The last step in the fatigue life prediction is the integration of the material fatigue 
crack growth law. In the present work, the computer code AFGROW was used 
to perform the material law integration. 
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8.1 ReSLIC methodology 
The computer code ReSLIC developed during the course of this study is a 
computer script written in object oriented language Python to manage the 
calculation of the residual stress and stress intensity factor (SIF, K) and the SIF 
coefficient  together with the calculation of the disbonding growth. ReSLIC 
general approach is illustrated in Figure 8-1. 
 
Figure 8-1 : ReSLIC approach 
The first step of the calculation was to calculate the stress intensity factor under 
maximum applied stress max and the associated disbond advance. Then the 
results of the disbond advance were used for the calculation under minimum 
applied stress min. 
Details of the crack advance calculation procedure and the associated 
disbonding are given in the following sections. 
8.1.1 Extension of substrate crack 
The extension of the lead substrate crack in ReSLIC is based on the mesh size 
of the model. If the mesh size of the model is e (Figure 8-2), then e was the 
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crack increment. For a crack length ai, then  ai+1 = ai + e for the bond and back 
faces. 
 
Figure 8-2 : Mesh size details 
ReSLIC calculates the values of Kmax and Kmin at the substrate bond surface 
and the back surface of the specimen under maximum and minimum cyclic 
stress (max and min).  
This step is repeated for each increment until the crack has reached a final 
length. ReSLIC will release only one node at the crack front on both the bond 
and back faces, which results in a straight crack front for the entire crack 
propagation. 
8.1.2 Extension of associated interface disbond 
In parallel to the substrate crack advance calculation, the disbond extension 
was implemented into the script using a fracture mechanics approach. Disbond 
advance was calculated under maximum applied stress and the disbond front 
shape was then used for minimum applied stress simulations. This assumes 
that disbond only grows under maximum applied stress. It was assumed that 
the disbond will start when the substrate crack tip enters the strap covered area 
(Figure 8-3). The first step is to release the first corner node of the bonded 
interface.  
e 
 154 
 
 
 
Figure 8-3 : First node release as crack is entering in the bonded area 
As the substrate crack advances, the “Disbond” option is then used to get the 
strain energy release rate (SERR) at the disbonding front. For each crack 
increment, Abaqus outputs mode I, II and III strain energy release rates [145] 
for each nodes of the disbond front. In the present case, it was assumed that 
only mode I and mode II were relevant (Figure 8-4). 
 
Figure 8-4 : Example of mode I SERR at disbonding front (back view of adhesive 
layer) showing the higher values of SERR near the crack front. 
These values of strain energy release rate were then used to calculate 
delamination advance at the disbond front, based on the calculated mode I to 
mode II ratio and the overall value of total SERR. Figure 8-5 gives an illustration 
of the extraction of mode I and mode II SERR together with the calculation of 
the mode ratio. The ratio is defined as : mode ratio = GII/(GI+GII) (8-1). The 
series of fatigue delamination tests reported in Chapter 6 are used here in the 
calculation of delamination advance.  
  
Crack 
1st node released 
1st node released 
crack 
disbonded 
area 
 155 
Mode I SERR extraction Mode II SERR extraction 
  
            
   
      
  
   
      
      
Figure 8-5 : Example of ‘’extraction’’ of SERR in mode I and mode II for 
calculation of mode ratio – case of a 19 mm substrate crack and triangular 
delamination 
Calculation of the disbond growth rate was simplified to facilitate automation of 
ReSLIC. Five mode ratios were considered with 0 (pure mode I), 0.25, 0.5, 0.75 
and 1 (pure mode II). However, the actual mode ratio of a node of the 
disbonding front may not correspond to one of these ratios. Hence, an 
approximation of the values is selected as illustrated in Table 8-1. A range of a 
particular ratio was associated to the calculated value and the disbond growth 
rate corresponding to that range was used to calculate the disbond advance (for 
example, growth rate of mixed mode ratio 0.75 covers a range of mixture ratio 
from 0.625 to 0.875). 
Table 8-1 : Ratio range and corresponding tests results for mode mixture 
Ratio range (calculated) Ratio to use (from test) 
0 Pure mode I  0.125 0 (Pure mode I) 
0.125  0.375 0.25 
0.375 0.625 0.5 
0.625  0.875 0.75 
0.875  1 1 (Pure mode II) 
From the mode ratio of disbond and the total SERR, it is possible to 
approximate a disbond increment for each node of the disbond front. The 
GI = 24 J/m
2
 GII = 116 J/m
2
 
crack crack 
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disbond increment is calculated according to the number of cycles N 
necessary to grow the substrate crack of an increment e = ai on the bond 
face for maximum applied stresses. 
In order to get an approximation of the number of cycles Ni, one uses the 
value of Kmax on the bond face that is directly calculated within ReSLIC. 
Assuming that Kmin = R x Kmax (8-2) with, in the current case R=0.1, K is 
calculated. From that value of K, the crack growth rate is extracted from the 
data at R = 0.1 for the substrate material. The number of cycles is then given 
by:        
  
  
 
 
 
   
   
 (8-3) which gives,     
   
   
  
 
 
   (8-4). This 
approximated value of Ni is then used for calculating the disbond extension. 
Given a total SERR at maximum load, Gtot,max = GI + GII (8-5), and the 
associated mode ratio = GII / (GI+GII), the disbond growth rate is then 
calculated. In fact, the results of the fatigue disbonding tests (Chapter 6) for 
each mixed-mode ratio can be represented by a Paris-law like relationship such 
as  
  
  
 
 
             
  (8-6), with A and b being two constants that depend on 
the calculated mode ratio (Table 8-2). 
For each node i of the disbond front, the total SERR, Gtot,max,i is associated to a 
mode ratio (Table 8-1) – that corresponds to a defined Paris-law like expression 
– that returns a disbond growth rate  
  
  
 
 
             
 . Hence the following 
relationship can be written for small increment of disbond advance: 
   
  
 
 
  
  
  
 
 
      
  
  
 
 
        (8-7) with Ni calculated from the substrate 
crack advance on the bond face. 
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Table 8-2 : Fatigue disbonding growth rate parameter (Paris like parameters) 
obtained through fatigue disbonding tests (Chapter 6) 
Mode ratio used A b 
0 (Pure mode I) 3.0 x10-20 4.94 
0.25 1.0 x10-18 4.52 
0.5 2.0 x10-29 8.68 
0.75 9.0 x10-25 6.79 
1 (Pure mode II) 2.0 x10-19 4.12 
 
Figure 8-6 : Disbond advance showing increments of delamination for 1 node of 
the disbond front – here the node near the crack front will see the largest 
disbond increment with an increment li 
The disbond increment is then compared to the element size (e) in order to 
determine whether or not the node belonging to the disbonding front should be 
released or not. If l > e, then the node becomes unbonded and if l <e, the 
node stays bonded (Figure 8-6). 
Once all the nodes on the disbond front have been evaluated, the calculation 
goes to the next step iteration with an increment of the substrate crack length. 
Note: the disbond advance is always based on the values of SERR at the 
maximum load levels as it is assumed that disbond only propagates at the 
maximum load. 
  
li 
crack 
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8.2 Algorithm 
The algorithm of ReSLIC is illustrated in Figure 8-7. It is defined through the 
following steps: 
Step 1: Build the FE model: This is all performed automatically through the 
script. The user defines the geometry, materials and analysis parameters of the 
specimen. 
Step2: Write the input file: Once the model is built, the input file is automatically 
created. 
Step3: Launch the iterative calculation: ReSLIC will go through the following 
steps, repetitively. 
1. Edit the input file with the right parameters. This edits sets of nodes that 
are necessary for the post-processing of the data file from the 
calculation. It is a necessary step for the calculation of the substrate 
crack stress intensity factor. 
2. Submit the analysis. ReSLIC launches the calculation and waits for its 
completion. 
3. Extract the necessary data and calculate the SIF K using the MVCCT. 
The loads and displacements are extracted from the substrate crack 
stress intensity factor using the sets previously defined and the MVCCT 
calculation incorporated into ReSLIC script. 
4. Check whether the disbonding front should be modified or not. This goes 
through all nodes of the disbond front and checks for increments of the 
disbond front based on the levels of strain energy release rate and mode 
ratio as defined above. 
5. Once all calculation of SIF and disbond advance are completed, the 
substrate crack length is incremented of one element as defined above. 
6. Go back to 1. 
The script will automatically stop once it has reached a certain crack length 
defined by the user during the early stage of the program. By the end of the 
calculation, it will have created two output text file giving the profile of Kmax and 
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Kmin for maximum and minimum applied stresses on both the bond face and the 
back face for all substrate crack length increment. All input files that contain the 
definition of the model and in particular the disbond front will be kept during the 
calculation in order to be able to monitor the disbond advance. 
Note: It is assumed that prior to the computation, details of the substrate 
material crack growth rate and the fatigue disbond growth rate data are input 
(updated) into the script by the user. 
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Figure 8-7 : ReSLIC algorithm 
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8.3 Modules 
In order to complete the different steps described above, it was necessary to 
create different script modules allocated to a particular task of calculation as 
described hereafter: 
• ReSLIC.py  main script, calls other scripts and implements the iterative 
calculation 
• userinput.py  gets input of geometry, material and load conditions from 
the user 
• scripttobuilt.py  computes the input file 
• calculK.py  calculates SIF (K) by the MVCCT 
• dadNcalculation.py  evaluates load cycle increment N required for 
disbond advancement 
• delam.py  calculates whether or not the disbond front will advance 
(contains fatigue disbond growth data obtained by tests) 
• remnode.py  deletes the node at the disbond front if a fracture 
condition is satisfied 
Figure 8-8 outlines the aim of each module by illustrating where each module is 
used in the calculation approach that was presented in Figure 8-1. 
 
Figure 8-8: Module allocation  
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8.4 Outputs  
The script calculates the Kmax and Kmin values for both the bond and back faces. 
Hence, one of the major outputs of this script is the K vs. crack length relation 
under maximum and minimum applied stresses. The K values at maximum and 
minimum loads determine the geometrical factor  for the particular specimen 
studied, including the effect of the strap as described earlier. The  factor can 
then be used to obtain the stress intensity factor and then evaluate the fatigue 
crack growth life. These results are given in the Output_’name of the 
specimen’.txt file that is automatically created by ReSLIC. 
The user can monitor disbond growth as the substrate crack is advanced. Only 
the input files of the iterative calculations are kept in order to save memory. 
Nevertheless, it is possible to rerun any input file in case more details of the 
analysis are required. 
8.5 Life prediction techniques 
8.5.1 Fatigue life computation : AFGROW 
Two methods can be used for the computation of a specimen fatigue life 
depending on whether the specimen is loaded under constant amplitude or 
variable amplitude. In the case of constant amplitude, this can be done by the 
integration of the material crack growth data using the stress intensity factor 
range K and the stress ratio R.  
For any step i of the integration the crack length is ai and the stress intensity 
factor is               (8-8) with    the stress intensity factor coefficient than 
can be obtained either through an analytical solution or through finite element 
modeling. 
For each value of     is associated a crack growth rate  
 
     
 for a certain R-
ratio,   
    
    
 (8-9) according to the material law (Figure 8-9).  
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Figure 8-9 : Material law for the determination of the crack growth rate [243] 
The integration step is defined as a certain number of cycles   . Considering a 
small cycle increment, the stress intensity factor is assumed to stay constant 
during that increment which leads to: 
   
  
  
  
  
 
 
hence      
  
  
 
 
   (8-9) 
This leads to an increment in crack length and the total number of cycles with: 
            (8-10) and            (8-11) 
The integration is finished when the structure has reached a failure condition 
that can be either fracture or net section yield. The integration then gives the life 
of the structure as a vs. N as well as da/dN vs a. 
For the case of variable amplitude, AFGROW software package is used in order 
to compute the fatigue life of the specimen over the spectrum. 
AFGROW is a commercial product that performs cycle by cycle computation of 
the fatigue life of a specimen. It can be used for both pre-defined geometries as 
well as calculated solution when the geometry is not found in the cases library. 
It features several material models for the description of the fatigue laws as well 
as several retardation models. 
AFGROW offers different solutions to characterise material crack growth data. 
The first is the Forman equation [46], [47]. The equation parameters are defined 
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by the user (C and m are parameters found from curve fitting). The crack growth 
data can be described with up to 3 segments. 
  
  
 
    
          
 (8-12) 
A second option is through the Harter T-method [49]. In that case a series of 
crack growth rates are chosen by the user in a tabular database and the Harter 
T-method is then used for data interpolation. 
The Walker equation is another material model [45] where n represents the 
slope of the crack growth rate data and m is a non-dimensional constant with no 
physical meaning. 
  
  
                
 
 (8-13) 
It controls the shift of the crack growth rate depending on the R-ratio of the data. 
The Walker equation is used to represent the R-ratio effect and to interpolate or 
extrapolate any missing data. 
The third equation is the NASGRO equation [46], [48]. A materials database 
with NASGRO equation constants is directly available and the user has the 
possibility to modify the parameters that define the NASGRO equation. Details 
of that equation were outlined in paragraph 2.3.3. . 
  
  
    
   
   
    
    
    
  
 
 
   
    
     
 
  (8-14) 
Fatigue crack growth data can also be entered using the Tabular Look-Up 
method.  
In the present case, AFGROW code was used for both constant and variable 
amplitude load case with the Tabular Look-Up material model. Two data-set of 
the 2024 HDT material for R = 0.1 and R = 0.5 were used. Because BCR 
geometries are not within AFGROW’s geometry library, the stress intensity 
factor coefficient  has to be input for 25 crack length cases (limit of 25 input 
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values). All influences of the strap are incorporated into the  values, such as 
the out-of-plane bending effect and the stiffness ratio. Despite one single value 
of b through the thickness (2D approach), this incorporates all 3D effect as the 
non-symmetry of the  values from the reinforced side and the free one are 
considered in those single values. Other inputs are the equivalent residual 
stress intensity factor Kres,eq, R-ratio and applied stresses. AFGROW then 
performs the integration of the material model chosen, based on  values and 
fatigue crack growth rates values. 
8.5.2 Non-linear effects 
As stated above, AFGROW deduces the stress intensity factor range K 
necessary to the calculation of the fatigue life from the stress intensity factor 
coefficient  it is given as well as the other inputs. Hence one of the difficulties 
is to define these values of  for each single value of crack lengths. 
In cases where the behaviour is geometrically linear, only one calculation is 
necessary in order to calculate the  factors i.e. at maximum load. The stress 
intensity factor range is then deduced using the R-ratio applied by       
       (8-15) with R defined as    
    
    
 
    
    
 (8-16). The  factors can then 
be used in AFGROW. 
In cases where the behaviour is geometrically non-linear, the relations are no 
longer valid,    
    
    
 
    
    
. Hence the calculations need to be performed at 
both maximum and minimum loads in order to deduce the R-ratio for individual 
crack lengths as well as K that will give the  coefficient. 
Due to the secondary bending caused by the single sided reinforcement, the 
bonded crack retarder configuration is geometrically non-linear. In addition, the 
main difficulty for single sided reinforcement as found in BCR is the fact that this 
values of Kmax and Kmin are obtained for the bond face and the back face of the 
substrate crack as follows: 
                                                         (8-17) 
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                                                         (8-18) 
                                                         (8-19) 
                                                         (8-20) 
Hence, one needs to derive one single value of  out of these 4 values of stress 
intensity factor and extract the equivalent residual stress intensity factor Kres,eq. 
8.5.3 Derivation of  values for BCR 
The solutions that can be considered in order to calculate a single value of  are 
the mean value,       
             
 
 (8-21) or the root mean square,      
      
       
 
 
 (8-22). Nevertheless, those solutions will not consider the effect 
that the single sided reinforcement has on the crack front, with the crack 
growing faster on one side than the other [5]. Also, it will be difficult to consider 
the non-linearity of the current problem. The method adopted here in order to 
calculate a single value of through the thickness uses the “alternate analysis” 
described in [50], [103], [104] as well as the weighted average as described by 
Hosseini-Toudeshky [90]. The stages of the method are described here: 
Stage 1: 
The 3D quasi-static FE calculations are performed at maximum and minimum 
load with both taking into account the residual stresses due to the bonding 
process. This is performed through ReSLIC iterative calculations. The results 
obtained from this first stage are the 4 values of stress intensity factors, two for 
the bond face (max and min loads) and two for the back face (max and min 
loads) as defined above. 
The alternative solution uses a weighted average between the bond face and 
the back face as the one developed by Hosseini-Toudeshky et Al. [90]. In their 
work, they studied the effects of 3D simulations of the crack front between a 
curved crack front and a straight one. They showed that the curved crack front 
could be approximated with a straight crack front using one single value of the 
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stress intensity factor at a particular position across the thickness of the 
specimen. For thin plates, 
  
  
      (   being the reinforced plate thickness 
and w the width of the reinforced specimen), they showed that this particular 
position was given by 
  
  
          
   
       
          (8-23), with Ze, the 
position across the plate thickness, from the back side, EAl, the plate Young’s 
modulus and Ereinf. the reinforcement Young’s modulus. This gives a ratio of 
0.36 in the case studied here, which means that the most representative value 
of the stress intensity factor is closer to the back side. That is why the 
proportion of each side has been distributed as 36% from the bond side and 
64% from the back side. Hence their formulation takes into account the 
imbalance of stress intensity factor from the bond face to the back face due to 
the presence of the strap and reduces it to one single value. 
Hence, for the present case, the weighted value of the stress intensity factor 
coefficient is given by                                  (8-24) or in terms 
of stress intensity factors,                                  (8-25) and 
that for maximum and minimum loads. 
Using Hosseini-Toudeshky formulation, it is then possible to deduce a weighted 
value of the stress intensity factor for both applied load case. In fact, the value 
of     and      given above can be obtained for the bond face and the back 
face as illustrated here after. 
 Max stress Min stress 
Bond face                   
Back face                   
Weighted value               
                            
(8-26) 
              
                            
(8-27) 
Hence              and              can be directly calculated from the results 
of the simulation at maximum and minimum loads as performed through 
ReSLIC. 
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Stage 2: 
An effective stress intensity factor range and an effective R-ratio are then 
deduced from these two values of stress intensity factor at maximum and 
minimum stress: 
                                (8-28) and      
    
    
 
    
    
 (8-29) 
Stage 3: 
A single value of , parameter necessary for the AFGROW computation is 
deduced from the previous expressions with:      
     
     
 (8-30). 
This represents a weighted effective stress intensity factor coefficient that takes 
into account the geometrical non-linearity of the problem as well as the 
asymmetry of the crack front. 
AFGROW does not allow the direct input of the effective R-ratio,     . An 
alternative solution is the input of an equivalent residual stress intensity factor 
   
    which is defined as    
    
  
   
        
      
 (8-31) where 
                                             (8-32),      
    
    
 (8-33) with      
and      defined above and   
                    
                    
 (8-34) with                      
and                      the stress intensity factors for the applied loads only. 
Details of the calculation of    
    are given in Appendix B. By its definition,    
    
considers both the effect of thermal residual stresses and non-linearity.  
Hence, the calculation of  is derived from the ReSLIC computation that returns 
the value of Kbond,max, Kbond,min, Kback,max and Kback,min 
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The life prediction is then calculated from the integration of the material data 
performed directly in AFGROW for the constant and variable amplitude cases. 
The parameters that are required in AFGROW are the geometry of the 
specimen, the stress intensity factor coefficients , the equivalent residual 
stress intensity factors and the loading spectrum. In the case of variable 
amplitude, parameters corresponding to the retardation effects can also be 
implemented in the code. 
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Chapitre 9 : ReSLIC validation 
9.1 Mesh convergence study 
A mesh convergence study on a non-reinforced M(T) specimen was performed.  
 
Figure 9-1 : Plain sample geometry and ¼ of model 
The convergence M(T) sample was 400 mm long, 140 mm wide and 5 mm 
thick. 3D continuum shell elements (SC8R) were used to model a quarter of the 
specimen, using the appropriate boundary conditions (Figure 9-1). A regular 
mesh was used over the whole ¼ specimen. 4 mesh sizes were studied with 5 
mm, 2.5 mm, 1 mm and 0.5 mm. There was only one element through the 
thickness. 12 half crack lengths cases from 10 mm to 65 mm were used. 
The MVCCT [42] was used to calculate the stress intensity factor and then used 
to estimate the stress intensity factor coefficient . Results of the FE analysis 
were compared to the analytical solution of the stress intensity factor coefficient 
given by   
 
     
  
  
 
 (9-1) for a plain M(T) specimen. 
Figure 9-2 shows the results of the stress intensity factor coefficient  obtained 
for 4 different mesh sizes comparing them to the analytical solution. 
 172 
 
Figure 9-2 : Mesh convergence for  solution – Unreinforced M(T) 
Figure 9-3 shows the error in the  solution compared to the analytical solution. 
The error is defined as:        
              
   
 (9-2). 
 
Figure 9-3 : Prediction error for stress intensity factor 
The model is not highly mesh dependent as the error for all four mesh sizes 
was less than 3%. For half crack length from 10 to 50 mm, the error is minimal 
for the 0.5 mm mesh with less than 1%. A mesh size of 0.5 mm was used for all 
the analyses. 
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9.2  Fatigue life prediction using ReSLIC : comparison with 
experimental data 
The ReSLIC finite element package was used to calculate the stress intensity 
factor (SIF) solution at maximum (Kmax) and minimum loads (Kmin) for different 
M(T) test coupon designs, followed by life prediction. The life prediction is first 
given for a baseline M(T) specimen and then for two reinforced coupons. 
9.2.1 Unreinforced M(T) specimen 
This case considers a non-reinforced M(T) coupon made of aluminium 2624-
T351, tested under constant amplitude loading. The results of the stress 
intensity computation are shown in figure 9-2 above. Figure 9-4 shows the 
result of the AFGROW life calculation together with data from experiments. 
 
Figure 9-4 : Fatigue life prediction for unreinforced specimen 
It shows a very good agreement between the test and the prediction. Table 9-1 
shows the quantitative data together with the error  = [NFEM-Ntest]/Ntest (9-3).  
Table 9-1 : Prediction error for fatigue life of plain specimen 
Specimen Life Error 
Test#1 126000 N/A 
Test#2 133861 N/A 
Prediction - plain 132145 1.70% 
0 
10 
20 
30 
40 
50 
60 
0 50000 100000 150000 
A
ve
ra
ge
 h
al
f 
cr
ac
k 
le
n
gt
h
, a
 (
m
m
) 
Cycles (N) 
Test#1 
Test#2 
ReSLIC-(FEM) 
 174 
Hence there is good agreement between predicted values and measured one 
for the method employed here in terms of prediction of the fatigue life as the 
error between, the prediction and the test (average of two tests considered) is 
1.70%. 
9.2.2 AIRstream reinforced M(T) coupons 
The AIRstream reinforced M(T) coupons were described in detail in Chapter 0. 
The simulations were run with a maximum stress of 60 MPa in the total cross 
section (substrate + reinforcement). 
Figure 9-5 illustrates Keff as a function of half crack length a for the bond face 
and back face of the sample. Stress intensity factor ranges for an unstrapped 
sample are also shown (baseline) for comparison. 
 
Figure 9-5 : Bond and back face effective stress intensity range for AIRstream 
reinforced M(T) specimen  under an external stress of 60 MPa on full cross 
section 
Figure 9-5 shows the Keff values on the bond side are always lower than the 
baseline unstrapped value. This is the effect of bridging reducing crack opening 
on that side. On the back side, the values of Keff are smaller than the ones for 
the unstrapped sample up to a crack length of approximately 25 mm where the 
values become equal and larger than the baseline solution. This is attributed to 
the secondary bending (due to a shift in neutral axis) promoting crack opening 
on the back side. It then becomes smaller than the baseline solution for an 
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approximate crack length of 48 mm. A change in Keff on the bond side is 
observed as the crack exits the strapped area.  
The difference in Keff between the two sides is partly attributed to the 
secondary bending that increases the stresses on the back side and lowers 
them on the bond side relative to the nominal stresses (a detailed analysis of 
that phenomenon is highlighted in the next chapter). As the difference in Keff 
values increases with the crack length, this indicates that the secondary 
bending effect increases with the crack length. The difference is also due to the 
crack bridging effect due to the presence of the strap. 
As explained in Chapter 8, only one value of Keff is used in order to get the eff 
function of the specimen that is then used in AFGROW. This was produced by 
the weighted average of the bond and back face values at maximum 
(        ℎ          𝑏             𝑏      ) (9-4) and minimum 
(        ℎ          𝑏             𝑏      ) (9-5) stress levels and then 
computing the range of these averages in order to obtain a weighted effective 
value of the stress intensity factor range       (              ℎ    
        ℎ   ) (9-6). eff is then deduced from that value. Figure 9-6 shows the 
results of that calculation with the values of Keff for the un-strapped case. 
 
Figure 9-6 : Weighted average solution for Keff in AIRstream reinforced M(T) 
specimen 
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Figure 9-7 : Weighted Average for eff in AIRstream reinforced M(T) specimen 
Figure 9-6 and Figure 9-7 show that the weighted values of Keff and βeff at all 
crack length are lower than the baseline solution due to the effect of the strap. 
In order to run the predictions in AFGROW, 25 values of eff are extracted from 
Figure 9-7 together with the corresponding values of    
   . 
 Adhesive disbonding advance 
The simulation showed no disbond between the strap and the substrate as 
illustrated in Figure 9-8. The disbond was restricted to the 1 element disbond as 
imposed during the simulation that ought to reproduce the effect of the disbond 
initiation as well as the advance of the substrate crack at the interface. 
 
a = 65 mm (final crack length) 
Figure 9-8 : Fatigue disbonding advance for AIRstream reinforced M(T) specimen 
– top view of model for final crack of 65 mm 
The reasons for the disbond not to progress can be explained by the values of 
strain energy release rate at the early stage of disbonding and in the one 
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element initial delamination that are much smaller than what is required to grow 
the delamination. In fact, the mode I strain energy release rate calculated was 
of the order of 10 to 20 J/m2 and for the mode II they were of the order of 100 
J/m2, which is much smaller than what has been measured during the fatigue 
delamination tests (minimum of 200 J/m2 for mode I and 600 J/m2 for mode II). 
Hence the levels of strain energy release rate are too small for disbond 
propagation based on this initiation criterion.  
Figure 9-9 shows the C-scan of sample MTR2 reported in Chapter 5 - and 
simulated here - after fatigue testing under constant amplitude loading (124,651 
cycles) showing no disbond. Yellow areas near the strap are resin-rich areas. 
 
Figure 9-9 : Ultrasound C-SCAN of AIRstream reinforced M(T) specimen during 
testing under constant amplitude loading (a =37 mm) showing no disbond. 
Hence the FE computations showed the same results as the tests with no 
disbonding observed. 
Using the eff factors shown in Figure 9-7, the life of the M(T) specimens tested 
was predicted using the AFGROW package for a constant amplitude case with 
a nominal stress of 60 MPa and a R-ratio of 0.1. 
 Fatigue Life predictions under constant amplitude loading 
The simulation used the weighted stress intensity factor coefficient eff as 
illustrated in Figure 9-7 . Figure 9-10 and Figure 9-11 illustrates the values of 
the effective R-ratio and the equivalent residual stress obtained through the 
ReSLIC computation. Kres,eq is directly input into AFGROW as a mean to take 
into account the effective R-ratio [50]. 
STRAP STRAP 
Substrate 
crack 
 178 
  
Figure 9-10 : Effective stress ratio 
Reff = Kmax,weighted/Kmin, weighted 
Figure 9-11 : Equivalent residual 
stress intensity factor (calculated) 
 
 
Figure 9-12 : Fatigue life prediction for CONSTANT AMPLITUDE test – AIRstream 
reinforced M(T) specimen - max = 60 MPa (nominal), R = 0.1 
Table 9-2 : Error on calculation of life – constant amplitude life predictions 
Specimen/Simulation Number of cycles Error (%) for simulation 
Test – reinforced#1  151,500 +16% 
Test – reinforced#2  152,990 +15% 
Weighted value simulation  175,839 N/A 
Figure 9-12 shows the predicted crack length vs. cycles curve for the strapped 
sample under constant amplitude loading with a final life of 175,839 cycles for 
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the reinforced M(T) sample. The error, as reported in Table 9-2 is within 16%. 
The results show that the prediction is always lower in terms of the crack length 
for a given number of cycles and the difference appears very early in the 
predictions before the crack has entered the strapped area.  
 
Figure 9-13 : Fatigue crack growth rate prediction for CONSTANT AMPLITUDE 
test – AIRstream reinforced M(T) specimens - max = 60 MPa (nominal), R = 0.1 
Figure 9-13 shows the predicted fatigue crack growth rate in comparison with 
the fatigue crack growth rate obtained from experiment. There is good 
agreement between the two. From 10 mm up to 20 mm, the predicted growth 
rate is lower than the measured one. Past the crack length of 20 mm the 
prediction is faster than the measure data. 
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9.2.3 BCR M(T) coupons 
 Geometry and material 
Specimens from the earlier BCR programme were made of aluminium 7085 – 
T7651 substrate reinforced with Glare1-3/2 (0.4) straps. The substrate was 400 
mm long, 140 mm wide and 10 mm thick. The straps were 180 mm long, 20 mm 
wide and each strap consisted of two straps of GLARE 3/2 bonded together to 
reach a total thickness of 3.6 mm (= 2 x 1.8 mm). They were located 13.5 mm 
from the centre of the specimen. The straps were bonded to the substrate using 
FM94 epoxy adhesive (Figure 9-14). The initial crack length was 8 mm. The 
coupon was tested with a maximum applied stress of 60 MPa on the total cross 
section. The sample geometry is shown in Figure 9-14. 
 
Figure 9-14 : Reinforced M(T) specimen from the BCR programme showing 
specimen after failure and geometry 
 Stress intensity calculations for the strapped BCR sample 
Figure 9-15 illustrates the variation of Keff as a function of half crack length a 
for the bond face and back face of the sample. Stress intensity ranges for an 
unstrapped sample is also shown (baseline) for means of comparison. 
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Figure 9-15 : Bond and back face effective stress intensity range for BCR 
reinforced M(T) specimen under an external stress range of 60 MPa on substrate 
section 
The Keff values on the back side are almost the same as the non-reinforced 
case. On the bond side the values of Keff are significantly reduced compared 
with the baseline and the back face Keff values. The reduction in Keff is 
attributed to the effect of the strap. 
Figure 9-16 gives the results for a weighted value of Keff as described in the 
previous example. These values are then normalized in order to get the stress 
intensity factor coefficienteff that is used in AFGROW. The weighted values of 
Keff show reduced values when compared to the baseline. The normalized 
values of eff  used in AFGROW are shown in Figure 9-17. 
 
Figure 9-16 : Weighted average solution for Keff in BCR reinforced M(T) 
specimen 
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Figure 9-17 : Weighted Average for eff in BCR reinforced M(T) specimen 
 
 Adhesive disbonding advance 
Figure 9-18 shows that no disbonding was predicted in the calculation. The 
disbonding is restricted to one element in size and corresponds to the assumed 
disbonding for initiation.  
 
 
a = 65 mm (final) 
Figure 9-18 : Fatigue disbonding advance for BCR reinforced M(T) 
specimen – top view of model for final crack of 65 mm 
No data was available to make a comparison for this specific type of specimen.  
 
 Life predictions 
The life prediction for the BCR geometries obtained from the AFGROW 
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BCR tests was 60 MPa but with no consideration of the additional cross section 
due to the presence of the straps. 
As for the AIRstream case, the simulation used the equivalent residual stresses. 
Figure 9-19 and Figure 9-20 describe the effective R-ratio and the equivalent 
residual stresses. Kres is directly input into AFGROW as a mean to take into 
account the effective R-ratio [50]. 
 
 
Figure 9-19 : Effective stress ratio 
Reff = Kmax,weighted/Kmin, weighted 
Figure 9-20 : Equivalent residual 
stress intensity factor  
 
 
Figure 9-21 : Fatigue crack length vs. cycles prediction for CONSTANT 
AMPLITUDE test – BCR reinforced M(T) specimen - max = 54.4 MPa, R = 0.1 
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Table 9-3 : Error on calculation of life – constant amplitude life predictions 
Specimen/Simulation Number of cycles Error (%) for simulation 
BCR1-BASELINE 80,487 N/A 
BCR1-REINFORCED 274,000 N/A 
BCR1-ReSLIC (reinforced) 252,428 -8% 
Figure 9-21 shows that ReSLIC under predicts life in comparison to the tests. It 
predicted a life of 252,428 cycles while the test lasted 274,000 cycles. The 
prediction error is 8% (Table 9-3). The trend of the predicted life demonstrates 
large differences from the test.  
 
Figure 9-22 : Fatigue crack growth rate prediction for CONSTANT AMPLITUDE 
test – BCR reinforced M(T) specimens - max = 60 MPa, R = 0.1 
Figure 9-22 shows the predicted fatigue crack growth rates obtained from 
AFGROW compared with test results [5]. There is good agreement up to a 
crack length of 25 mm. Past that crack length the predictions are faster than the 
measured growth rates. 
1.0E-08 
1.0E-07 
1.0E-06 
1.0E-05 
0 10 20 30 40 50 60 70 
d
a/
d
N
 (m
/c
yc
le
) 
a (mm) 
BCR - Test 
BCR - simulation STRAP 
STRAP 
 185 
9.2.4 Summary 
 For constant amplitude loading, RESLIC predicts with an error of +16% 
and -8% the fatigue life of the specimens as well as the fatigue crack 
growth rate for the AIRstream case and the BCR case.  
 For both geometries, ReSLIC predicted no disbond growth as the 
calculated G values were too small. This is in agreement with 
experimental observations for MT samples. This will be further reviewed 
in the discussion chapter. 
9.2.5 Source of errors 
The error on life prediction reported here only reflects the difference between 
the life as predicted from AFGROW integration on material law and the life as 
obtained from the tests. Hence the error may be first coming from the error 
found in the testing results. In fact, the crack, as measured from the test is read 
on the unbounded side and not the reinforced one, hence it does not reflect the 
possible curvature of the crack length. The difference in crack length 
interpretation may contribute to the observed error. In addition, the experimental 
life is based on a couple of tests and the variation commonly observed in 
fatigue test will be present due to the reduced number of test results. On the 
other hand the calculation does consider the curvature of the crack length 
through the use of the equivalent crack length methodology as developed by 
Hosseini-Toudeshky [200] but with a certain approximation. 
From a modelling point of few, the Hosseini-Toudeshky method [200] that 
reduces the solution to a single value of stress intensity factor through the 
thickness also brings some error in the crack length calculation as it defines 
with a 2D result a mechanism that is actually a 3D one due to the crack 
curvature through the thickness. 
The integration of the fatigue crack growth data may also introduce a certain 
level of error in the model prediction as it uses an equivalent residual stress 
intensity factor to take into account the change in R-ratio due to residual 
stresses. Also the use of the tabular look-up method for the introduction of crack 
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growth rate data implies that interpolation and extrapolation are necessary in 
order to calculate the fatigue life which may introduce some errors in the life 
prediction. 
In summary, errors can be identified for every step of the life calculation, 
starting from the evaluation of the stress intensity factor up to the life calculation 
in AFGROW. In additions, the error notified here is linked to the variability in life 
cycles encountered with fatigue tests specimens. Table 9-4 lists the type of 
errors for each step of the analysis. 
Table 9-4 : Possible sources of the observed error, from the modelling, life 
integration and testing point of views 
Model Life calculation 
(AFGROW) 
Testing 
Approximation of residual 
stress effect (   
   ) 
Residual stress effects 
introduced through (   
   ) 
Reading of crack length 
on unbounded side only 
3D behaviour of substrate 
main crack reduced to a 2D 
model 
Interpolation/extrapolation 
of fatigue crack growth data 
using Tabular Look-Up 
material model 
Reduced number of data 
for comparison 
considering large variation 
for fatigue results 
No plastic deformation in 
material model 
AFGROW intrinsic errors  
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Chapitre 10 : Parametric study of factors influencing 
crack growth life 
This chapter will look at the sensitivity of parameters changing the fatigue 
behaviour of the reinforced structure with: 
1- The effect of specimen definition with the Airstream configuration 
compared to the BCR one. 
2- The effect of disbond. 
3- The effect of strap geometry with the same stiffness ratio of  = 0.2. 
4- The effect of the substrate thickness with the same stiffness ratio  = 
0.2. 
5- The effect of strap material (keeping the same stiffness ratio  = 0.2) 
While the first study made use of the FE model developed in Chapter 07 in 
order to conduct the comparative study, all other parametric studies were 
performed using ReSLIC design tool to calculate fatigue lives. All calculations 
were geometrically non-linear. The simulations were run at maximum and 
minimum loads for a max = 60 MPa and an R-ratio = 0.1 (min = 6 MPa). 
All parametric cases are compared to the reinforced M(T) specimen results that 
were given in the previous chapter. The comparisons will look at both the 
bonded side and the back side with comparisons of the effective stress intensity 
factors. The fatigue lives and fatigue crack growth rates will also be compared. 
10.1 Stress analysis for two geometries: BCR-1 and AIRstream 
Constant amplitude fatigue tests of reinforced M(T) coupons using the 
AIRstream geometry showed reduced crack retardation in comparison to the 
test performed on M(T) samples of similar geometry and stresses in the earlier 
BCR programme. A life improvement factor of 1.17 was obtained in Airstream 
(Chapter 04) compared to 2.7 in the earlier project. In addition a change in 
disbond path under the strap was observed. In the BCR case, disbonding was 
observed between the outer layer of aluminium of the Glare strap and the rest 
of the strap, while in the AIRstream samples, disbonding - not confirmed –
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appeared to be in the adhesive layer (Figure 10-1 and Figure 10-2). This 
section calculates the stress field differences in the two samples, which had 
significant difference in substrate thickness and stiffness ratio. 
 
 
(a) BCR configuration (b) AIRstream configuration 
Figure 10-1 : Disbond location in BCR and Airstream M(T) samples (Not to scale) 
 
  
(a) BCR configuration (b) AIRstream configuration 
Figure 10-2: Comparison of fracture surface after fatigue tensile testing – View of 
BCR and AIRstream specimen after complete failure of the specimen (cross 
section views) 
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10.1.1 BCR-1 Geometry 
The BCR-1 specimens were of aluminium 7085-T7651 substrate reinforced with 
Glare1-3/2 (0.4) straps. The geometry of the sample is shown in Figure 10-3. 
The substrate was 400 mm long, 140 mm wide and 10 mm thick. The straps 
were 180 mm long, 20 mm wide and each strap consisted of two straps of 
GLARE 3/2 bonded together to reach a total thickness of 3.6 mm ( = 2 x 1.8 
mm). They were located 13.5 mm from the centre of the specimen. The straps 
were bonded to the substrate using FM94 epoxy adhesive. The stiffness ratio 
( for the BCR configuration was 0.09. 
 
Figure 10-3 : Geometry of test samples used in earlier BCR research project [5] – 
referred to as ‘BCR’ coupons (all dimensions in mm) – = 0.09. 
10.1.2 Finite element models 
The finite element models represent one quarter of the specimen. Some 
changes have been made in order to reproduce the changes in the location of 
the disbond interface. While the model defined earlier has three parts for strap, 
substrate and adhesive, the model considered here increased this level of detail 
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with the adhesive modelled with two individual layers and the Glare strap with 
details of the first aluminium layer; and the first S2-prepreg layer of the strap. 
This was applied to both AIRstream and BCR models (Figure 10-4). This gives 
a more realistic model of what is observed during testing as outlined earlier. 
 
Figure 10-4 : FE section – layers definition – AIRstream case 
All parts were modelled using continuum shell elements SC8R with one element 
through the thickness and an element size of 0.5 mm. Tie interaction properties 
were used between each part. 
10.1.3 Results 
 Substrate longitudinal stresses 
This section shows longitudinal stresses perpendicular to the substrate crack 
plane (Figure 10-5), along the crack path. The stress values shown in Figure 
10-6 are located at the bonded interface and the back (unbonded) surface 
together with the respective mean and bending stresses for an initial crack 
length of 10 mm. 
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Figure 10-5 : Envelope results of S22 longitudinal stresses at crack path – BCR 
case ¼ specimen model for 10 mm crack – definition of bonded and back side 
nodes of extraction 
  
 192 
  
(a) AIRstream specimen (b) BCR specimen 
  
(c) Mean stresses (d) Bending stresses 
Figure 10-6 : Plot of longitudinal stress along half width of substrate (on bonded 
and back faces) for the two sample types (10 mm crack length case) – Applied 
stresses were 54 MPa for BCR and 60 MPa for AIRstream 
Figure 10-6 shows a difference in stresses between the bond face and the back 
face that is greater for the AIRstream sample than for the BCR one. It 
demonstrates a greater amount of bending for the AIRstream case than for the 
BCR case (4 - 5 MPa in difference) with bending stresses up to 10 MPa for the 
Airstream case and 5 MPa for the BCR case. The AIRstream case also has 
greater mean stresses than the BCR case.  
The higher mean stresses coupled to the larger bending for the AIRstream case 
means that the longitudinal stresses will be greater than the BCR case along 
the crack path. This will result in a larger stress intensity factor as demonstrated 
in the next paragraph. Hence the crack growth rates will be faster for the 
AIRstream case which means reduced fatigue retardation. 
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 Longitudinal stresses along strap length 
This section compares the longitudinal stresses along the strap length. The 
stresses are provided at the bonded interface and at the free surface (Figure 
10-7) together with the respective mean and bending stresses for an initial 
crack length of 10 mm. The stresses at the bonded interface are extracted from 
the first aluminium layer. 
 
Figure 10-7 : Envelope results of S22 longitudinal stresses along strap half 
length– AIRstream case ¼ specimen model for 10 mm crack – definition of 
bonded and back side nodes of extraction 
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(a) AIRstream specimen (b) BCR specimen 
  
(c) Mean stresses (d) Bending stresses 
Figure 10-8 : Plot of longitudinal stress vs. half-length in strap for the two sample 
types on bonded and back faces (10 mm crack length) – Applied stresses were 
54 MPa for BCR and 60 MPa for AIRstream 
The analysis demonstrates that the difference in stresses between the bonded 
surface and the free (unbonded) surface of the strap is greater for the 
AIRstream case than for the BCR one. There is more bending in the strap for 
the AIRstream case than for the BCR case as illustrated in Figure 10-8. The 
mean longitudinal stresses carried by the AIRstream strap are greater than the 
BCR one. 
 Stress intensity factor (SIF) 
The stress intensity factor at the substrate crack front for the bonded and back 
surfaces as well as the weighted values are represented hereafter. 
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Figure 10-9 : SIF for AIRstream and BCR coupons showing back face and bond 
face and weighted values for growing crack length 
Stress intensity factor variations at the crack front are greater for the AIRstream 
case than for the BCR one for all three results given here (bond, back and 
weighted, Figure 10-9). This is due to the larger secondary bending observed in 
AIRstream specimens with 10 MPa instead of 5 MPa. This will results in faster 
crack growth rates for the AIRstream case than the BCR one and consequently, 
shorter fatigue lives. 
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 Deflection comparison 
Figure 10-10 shows the Airstream sample under load, with a visible deflection. 
Table 10-1 gives the deflection obtained at the reference point for the BCR and 
AIRstream cases for the 3 different crack lengths. 
 
Figure 10-10 : Deflection reference point 
Table 10-1 : Deflection at reference point for both cases 
Crack case AIRstream –  (mm) BCR –  (mm) 
Before (10 mm) 0.20 0.04 
Middle of strap (26.5/23.5 mm) 0.29 0.07 
Past strap (43 mm) 0.49 0.20 
The deflection is always greater for the AIRstream case than for the BCR case 
which is a direct consequence of the increased amount of secondary bending 
from one coupon design to the other. This applies to all crack length cases. 
  
Ref. point 
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10.2 Study of the effect of disbond size 
This section looks at two cases of disbond. The first one is the one that has 
been reported in the previous chapter for the reinforced M(T) specimen in the 
AIRstream configuration with the disbond limited to one element. It will be 
referred to as “NO disbond”. The second case is a large triangular shape 
disbond as observed in [161]. It is a triangle that covers the width of the 
specimen as illustrated in Figure 10-11. It is 26 mm wide over a length of 52 
mm. It will be referred to as “FULL disbond”. 
 
 
 
 
 
 
 
 
 
 
Figure 10-11 : “FULL disbond” MT specimen case 
  
26 mm 
52 mm 
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10.2.1 Disbond profiles 
Figure 10-12 and Figure 10-13 show the disbond profile for the two cases for 4 
crack length cases. 
 
Figure 10-12 : FE disbond advance for AIRstream reinforced M(T) specimen – NO 
disbond 
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Figure 10-13 : FE disbond advance for AIRstream reinforced M(T) specimen – 
FULL disbond – shows the evolution of a triangular disbond. 
For the first case of “NO disbond” only one element of disbond is visible. It 
corresponds to the initiation of disbond as implemented in ReSLIC and is 
advancing with the substrate crack as illustrated in Figure 10-12. 
In the second case (Figure 10-13) the calculation was set in order to have a 
large disbonded area with a triangular shape and straight crack front. 
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10.2.2 Effect of disbond on stress intensity factor range 
The calculation compares the stress intensity in the substrate with the full 
disbond to the NO disbond case and calculates the variation defined as: 
                
            
                
          (10-1) 
 FULL disbond 
Figure 10-14 and Figure 10-15 show Keff for the bond face and back face for 
the full disbond and for the NO disbond cases. 
  
Figure 10-14 : Keff for bonded face – 
FULL disbond – applied stress = 60 MPa 
Figure 10-15 : Keff for back face – 
FULL disbond – applied stress = 60 
MPa 
Figure 10-14 shows that there is a small difference caused by a disbond of this 
size compared with the situation without. The curves are very similar and the 
difference reaches a maximum of 5%. The variation is mainly negative in the 
reinforced area up to 2/3 of the width indicating smaller values for the 
disbonded case than the bonded one. It then increases on exiting the reinforced 
area. On the back face there is little effect of the disbond with a variation of less 
than 1% between the case with and the one without. 
10.2.3 Life prediction changes with disbond 
The fatigue life was predicted using AFGROW tool, assuming a substrate made 
of 2624-T351 aluminium alloy for the material data and using the same 
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approximation and the same calculation techniques as the ones described 
earlier. 
 
Figure 10-16 : Predicted fatigue lives in different cases of disbond 
Figure 10-16 illustrates the fatigue life obtained from the AFGROW 
computation. As a consequence of the similar stress intensity factor coefficient, 
there is little change in life. 
10.2.4 Conclusions  
The cases of disbond reported here showed that disbond of triangular shape 
and with a size of 26 mm by 52 mm had no effect on the fatigue life of the 
reinforced M(T) specimen by comparison with a pristine case (no disbond). 
Nevertheless, a larger disbond may results in an increase of the stress intensity 
factor which will reduce the life of the specimens. This is due to the reduced 
bridging effect as there is less load transfer between the strap and the substrate 
due to the reduced surface of interaction between the two. 
While the variation stayed small in the case presented here, it is possible that a 
larger amount of disbond - say 1/3 of total area covering the specimen – may 
have a larger influence on the stress intensity factor and significantly change 
the fatigue life. This will require further investigation but may not reflect what 
has been observed during the fatigue tests where very small disbond was 
observed at the interface between the strap and the substrate. 
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10.3 Study of the effect of strap width 
The effect of the strap width on stress intensity was studied through the case of 
a strap with a width of 54 mm and a thickness reduced to 1.8 mm to keep the 
stiffness ratio to  = 0.2. This will correspond to the use of a Glare 2A (3/2) 
material. This case is compared to the AIRstream reinforced M(T) specimens 
described in Chapter 08 & 09, 26 mm wide and 3.6 mm thick. There was no 
disbond in the calculations. The applied nominal stress was 60 MPa as for the 
Airstream case. Details of the wide strap geometry and model are given in 
Figure 10-17. 
 
 
 
(a) Geometry (b) Model 
Figure 10-17 : Details of (a) geometry and (b) mesh of the reinforced M(T) 
specimen with large strap (width = 54 mm) – applied nominal stress = 60 MPa 
10.3.1 Effect of strap width on the stress intensity factor range 
Figure 10-18 and Figure 10-19 show plots of ΔKeff vs crack length on the bond 
face and the back face for the cases of narrow and wide straps. The variation 
between wide and narrow is defined as: 
                
          
             
       (10-2) 
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Figure 10-18 : Keff  on bond face for 
narrow and wide strap;  = 0.2 – 
Applied stress = 60 MPa 
Figure 10-19 : Keff  on back face for 
narrow and wide strap;  = 0.2 – applied 
stress = 60 MPa 
Figure 10-18 and Figure 10-19 show that ΔKeff for the wide strap is smaller than 
the narrow strap for both faces. On the bond side, the effect of the larger strap 
appears immediately at the beginning of the strapped area. It decreases up to - 
20% before rising to - 15% due to the singularity of the narrow strap and then 
decreases up to -35% for the final crack length. On the back side, the beneficial 
effect of the wide strap appears later in the strapped area and the effect is 
reduced with a variation that reaches a minimum of -20% towards the final 
crack length. 
Figure 10-20 gives the results for the weighted effective stress intensity factor 
range. 
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Figure 10-20 : Weighted Stress intensity factor for narrow and wide strap with 
associated variation;  = 0.2 
The weighted stress intensity factor range results plotted in Figure 10-20 
demonstrate that the wide strap has reduced stress intensity compared with the 
narrow one with an effect that starts early in the reinforced area. The variation 
decreases up to -15% with a steady rate in the narrow reinforced area and it 
decreases up to - 25% for the final crack length for the wide strap configuration. 
Hence the use of a wider strap is beneficial. 
The results could be interpreted in terms of the effect of strap thickness as well 
as strap width. Thickness may be more appropriate than width, as the data 
show an effect on ΔKeff even at crack lengths smaller than the narrowest strap. 
The local effects of thickness may be the dominant influence in this region, with 
reduced thickness at the same μ value having beneficial effects.  
This beneficial effect of the wide strap can also be explained by the effect of 
secondary bending. Figure 10-21 and Figure 10-22 illustrate the longitudinal 
normal stresses and bending stresses in both specimen configurations with a 
crack length of a/2 = 10 mm and under applied nominal stresses of 60 MPa. 
-30% 
-20% 
-10% 
0% 
10% 
20% 
30% 
0 
10 
20 
30 
40 
50 
60 
70 
80 
0 10 20 30 40 50 60 70 
V
ar
ia
ti
o
n
 (
%
) 

K
ef
f,
w
ei
g
h
te
d
 (M
P
a.
m
1/
2 )
 
half crack length a (mm) 
Narrow Wide Variation (%) 
STRAP 1 
STRAP 2 
 205 
  
Figure 10-21 : Longitudinal normal 
stress for wide and narrow straps – 
applied stress = 60 MPa 
Figure 10-22: Longitudinal bending 
stress for wide and narrow straps – 
applied stress = 60 MPa 
The normal stresses appear to be 5-10% higher for the narrow strap for the 
substrate length between 10 mm and 40 mm (end of the narrow strapped area) 
compared to the wide strap. This is reversed after 40 mm. Hence there appears 
to be a larger bridging effect for the wide strap than the narrow one at lower 
crack length which may explain the difference in Keff observed. This effect for 
small crack length is beneficial in terms of fatigue lives as small crack length 
changes are more beneficial than larger crack length changes. 
Bending stresses may be the major explanation to the difference observed 
between the narrow strap and the large one as bending stresses appear to be 
much larger for the narrow strap than the wide one with a difference of 
approximately 10 MPa. These will increase the value of the stress intensity 
factors for the narrow straps while there are almost no bending stresses for the 
wide one.  
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10.3.2 Effect of strap width on fatigue life 
Using the weighted value of the effective stress intensity factor range shown in 
Figure 10-20, the stress intensity factor coefficient  were calculated and used 
for the evaluation of the fatigue lives. 
 
 
Figure 10-23 : Predicted fatigue lives for 
narrow and wide straps;  = 0.2  – 
applied stress = 60 MPa 
Figure 10-24 : Predicted crack growth 
rate for narrow and wide straps;  = 
0.2 – applied stress = 60 MPa 
The calculated fatigue lives for the narrow and wide straps are respectively 
175,868 and 202,499 cycles demonstrating an increase of 15% in fatigue life for 
the wide strap. The fatigue crack growth rates illustrated in Figure 10-24 show 
lower values for the wide strap than the narrow case with a difference that 
increases with crack length. The two curves separate shortly after the crack has 
entered the strapped area. 
10.4 The effect of substrate thickness 
The effect of the substrate thickness was studied through the case of a 10 mm 
thick substrate. To keep a stiffness ratio of  = 0.2, a larger Glare 2A-6/5- strap 
52 mm X 3.7 mm was used. Results were compared to those obtained for the 
AIRstream reinforced M(T) specimens illustrated in the previous chapter. No 
disbond was considered. 
Details of the specimen geometry and model are given in Figure 10-25. 
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(a) Geometry (b) Model 
Figure 10-25 : Details of (a) geometry and (b) mesh of the reinforced M(T) 
specimen with large strap (width = 54 mm) 
10.4.1 Effect on the stress intensity factor range 
Figure 10-26 and Figure 10-27 show the effective stress intensity factor range 
on the bond face and the back face for thin and thick substrates. STRAP 1 
corresponds to the thin substrate case while STRAP 2 corresponds to the thick 
substrate case. The variation for both faces is defined as: 
                
           
           
     (10-3) 
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Figure 10-26 : Keff  on bond face for 
thin and thick substrate;  = 0.2  – 
applied stress = 60 MPa 
Figure 10-27 : Keff  on back face for 
thin and thick substrate;  = 0.2  – 
applied stress = 60 MPa 
ΔKeff for the bond side shows slightly reduced values for the thick substrate than 
the thin one in the strapped area with a variation around -5%. Once past the 
strap the values become similar with a positive variation up to 3.5%, after a 
crack length of 50 mm, this variation becomes negative, reaching -17% for the 
final crack length.  
On the back side (Figure 10-27), the values of the effective stress intensity 
factor range start higher for the thicker substrate but decrease quickly on 
entering the strapped area. The variation is up to -8% in the strapped area but 
then increases up to 5% for the final crack length. 
Figure 10-28 gives the results for the weighted effective stress intensity factor 
range. 
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Figure 10-28 : Weighted Stress intensity factor for thin and thick substrate with 
associated variation;  = 0.2 
The weighted stress intensity factor range results plotted in Figure 10-28 
demonstrate that overall, the use of a thick substrate has little effect. The 
variation starts with a value of 1% but then decreases in the strapped area up to 
-5%. It then increases for the remaining substrate crack lengths but stays with a 
negative value, indicating an improvement. 
These results consider not only a thicker substrate but also a wider strap. 
Hence the improvement may be attributed to the presence of a wider strap 
rather than a thicker substrate. Using the same stiffness ratio for the 
reinforcement, a thicker substrate gives slightly reduced ΔKeff than a thin one. 
10.4.2 Effect on fatigue life 
Using the weighted value of the effective stress intensity factor range shown in 
Figure 10-28, the stress intensity factor coefficient  were calculated and used 
to calculate fatigue lives. 
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Figure 10-29 : Predicted fatigue lives 
for thin and thick substrates;  = 0.2 
Figure 10-30 : Predicted crack growth 
rate for thin and thick substrates;  = 
0.2 
The calculated fatigue lives for the thin and thick substrates are respectively 
175,868 and 176,629 cycles which demonstrate an increase of less than 1% in 
the fatigue life. There is also little effect of substrate thickness on crack growth 
rates. 
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10.5 The effect of strap material 
A parametric study was conducted with different strap materials. The sample 
geometry used was the reinforced AIRstream M(T) specimen 400 mm X 140 
mm X 5 mm thick. The strap thickness values were chosen to keep the stiffness 
ratio  = 0.2 constant with a width of 26 mm. In all cases, the straps were 
placed 13.5 mm from the centre of the specimen. Strap materials were 
modelled as linear elastic with isotropic properties. The applied nominal stress 
for all cases was 60 MPa. Geometry and material details are given in Table 
10-2. 
Table 10-2: Strap geometry and material details 
Strap Thickness 
(mm) 
E (MPa)   (CTE) 
(mm/mm/°C) 
density 
(g/cm3) 
Glare 3.7 65,000 0.33 1.63x10-5 2.5 
Aluminium 3.4 71,000 0.33 2.32x10-5 2.7 
CFRP 1.8 135,000 0.3 -0.3x10-6 1.8 
GFRP 5.2 46,000 0.28 7.0x10-6 2.0 
Titanium 2.1 113,800 0.342 8.60x10-6 4.5 
No disbonding was allowed in this study. Thermal residual stresses were 
considered through the simulation of the curing process hence the effects 
observed here are the results of the combined effects of strap stiffness and 
TRS. 
10.5.1 Effect of strap material on stress intensity factor range 
Figure 10-31 to Figure 10-38 illustrate the stress intensity factors for the bond 
and back faces for all the materials considered above. All values are compared 
to the Glare case together with the variation between the two. 
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Figure 10-31 : Keff  on bond face for 
Glare and Aluminium straps;  = 0.2 – 
applied stress = 60 MPa 
Figure 10-32 : Keff  on back face for 
Glare and Aluminium straps;  = 0.2 – 
applied stress = 60 MPa 
 
 
Figure 10-33 : Keff  on bond face for 
Glare and CFRP straps;  = 0.2 – 
applied stress = 60 MPa 
Figure 10-34 : Keff  on back face for 
Glare and CFRP straps;  = 0.2 – 
applied stress = 60 MPa 
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Figure 10-35 : Keff  on bond face for 
Glare and GFRP straps;  = 0.2 – 
applied stress = 60 MPa 
Figure 10-36 : Keff  on back face for 
Glare and GFRP straps;  = 0.2 – 
applied stress = 60 MPa 
 
 
Figure 10-37 : Keff  on bond face for 
Glare and Titanium straps;  = 0.2  – 
applied stress = 60 MPa 
Figure 10-38 : Keff  on back face for 
Glare and Titanium straps;  = 0.2  – 
applied stress = 60 MPa 
On the bond face, the largest improvement – largest variation – is observed for 
the CFRP strap. Titanium is second best followed by the aluminium strap. On 
the other hand, GFRP does not demonstrate an improvement compared to the 
Glare. As concerns the back side, the improvements are similar to the bond 
side, but the variations are reduced by a factor of 5-10%. Again, GFRP does not 
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demonstrate any improvement over Glare. Figure 10-39 illustrates the weighted 
stress intensity factor range for each case of strap stiffness as a function of the 
crack length. 
Figure 10-39 : Weighted stress intensity factor range for different strap 
stiffness 
Figure 10-39 demonstrates that the different strap stiffness values result in 
similar overall behaviour but with different levels of reduction in ΔKeff,weighted. The 
smallest reduction relative to the no-reinforcement case was the GFRP strap 
that demonstrates no improvement compared to Glare. The largest reduction 
was in the CFRP strap. Table 10-1 shows that the ranking of the strap materials 
in ΔKeff,weighted reduction is the same as the E value ranking, with CFRP the 
stiffest at 1.35 X 105 MPa and GFRP the least stiff at 0.46 X 105 MPa. This is 
also the ranking of strap thickness with CFRP the thinnest and GFRP the 
thickest. 
10.5.2 Secondary bending stresses 
Figure 10-40 to Figure 10-43 illustrate the bending stresses for all materials 
described above for an initial substrate crack length of 10 mm. For each case 
the bending stresses are calculated between the back face and the bond face 
under the maximum applied stress of 60 MPa. All results are compared to the 
Glare strap case. 
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Figure 10-40 : Longitudinal bending 
stresses for CFRP strap 
Figure 10-41 : Longitudinal bending 
stresses for GFRP strap 
  
Figure 10-42 : Longitudinal bending 
stresses for Aluminium strap 
Figure 10-43 : Longitudinal bending 
stresses for Titanium strap 
For all strap material case, the variation in bending stresses is less than 5 MPa 
compared to Glare. The bending is higher for the GFRP case while it is lower 
for CFRP, aluminium and titanium. Aluminium has got very similar bending 
stresses to Glare which may be explained by the fact that the thickness of the 
two straps are close and their modulus are close as well. GFRP values are 
slightly higher (1 MPa) which may be explained by the fact that the thickness is 
much higher than the Glare one (5.2 mm). Titanium and CFRP have got 
reduced stresses with difference of 3 to 5 MPa. These lower stresses may also 
be explained by the differences in thickness, which are reduced compared to 
Glare (2.1 and 1.8 mm). Hence these results suggest that the use of a thinner 
strap is better than a thick one in terms of secondary bending effects. 
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10.5.3 Thermal residual stresses 
Figure 10-44 illustrates the substrate longitudinal thermal residual stresses as 
calculated from the FE analysis for each material case. This is obtained from 
the first step in the calculation that simulates the autoclave cure. 
 
Figure 10-44 : Thermal residual stresses in substrate (longitudinal) for different 
strap materials. 
It shows that CFRP has got the highest thermal residual stresses while 
Aluminium has got the lowest. The low values observed for aluminium is due to 
the fact that strap and substrate expand of the same amount during the curing 
process, hence there is no thermal residual stresses after curing. On the other 
hand, CFRP contracts (negative coefficient of thermal expansion) while the 
aluminium substrate expands. Hence when returning to room temperature, the 
strap and substrate tend to go in reverses directions which creates higher 
residual stresses compared to the other strap materials. Glare is the second 
lowest with thermal residual stresses of approximately 5-10 MPa as Glare 
contains layers of aluminium which limits its expansion. GFRP and titanium 
demonstrate higher thermal residual stresses than Glare with a range between 
25 and 50 MPa.  
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As described in Chapter 08, the thermal residual stresses are taken into 
account in the calculation of the fatigue life through the equivalent stress 
intensity factor for residual stresses, Kres,equivalent. 
10.5.4 Effect on fatigue lives 
Using the weighted value of the effective stress intensity factor range shown in 
Figure 10-39, the stress intensity factor coefficient  were calculated and used 
for the evaluation of the fatigue lives. They are illustrated in Figure 10-45. The 
equivalent stress intensity factor for residual stresses, Kres,equivalent – as defined 
in chapter 8 – that were also used for the calculation are illustrated in Figure 
10-46. 
 
Figure 10-45 : Effective stress intensity factor coefficient for different material 
used for the strap 
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Figure 10-46 : Equivalent residual stresses for different material used for the 
strap 
The values of Kres,equivalent are minimal for the straps made of aluminium and 
Glare. The values are smaller than 5 MPa in the reinforced area but then 
quickly increase in the non-reinforced area. 
Based on the values of  and Kres,equivalent, the fatigue lives are calculated using 
AFGROW. The results are illustrated in Figure 10-47. 
 
Figure 10-47 : Predicted fatigue lives for different strap materials 
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Table 10-3 : Fatigue lives obtained for strap material parametric study 
Strap material Life 
 (CTE) 
(mm/mm/°C) 
E (MPa) 
Glare 177,686 1.63x10-5 65,000 
Aluminium 214,610 2.32x10-5 71,000 
CFRP 203,279 -0.3x10-6 135,000 
GFRP 116,668 7.0x10-6 46,000 
Titanium 226,629 8.60x10-6 113,800 
Titanium straps show the largest fatigue life with 226,629 cycles; an increase of 
28% in comparison to the Glare straps. The shortest life is calculated for the 
GFRP strap with 116,668 cycles which is a decrease of -34%. CFRP and 
Aluminium straps also demonstrate larger lives compare to the Glare 
configuration with respectively 203,279 and 214,610 cycles. 
The fatigue lives results can be explained as a combination of the stress 
intensity factor and the residual stresses. In fact, while CFRP demonstrated the 
largest improvement in terms of stress intensity factor reduction, the life is 
reduced compared to the other materials due to the presence of higher residual 
stresses. The GFRP life is smallest as would be expected from figures 10-20 
and Figure 10-45. 
Hence, the fatigue life results from a combination of residual stresses and 
secondary bending effects which are directly linked to the thickness of the strap. 
Both effects balance each other as demonstrated from the graphs above. 
10.6 Summary 
 A triangular disbond of size up to 26 mm by 52 mm changes ΔKeff by only 
a few percent (less than 5%) and consequently does not influence 
fatigue life significantly. 
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 The effect of changing strap width and thickness at constant μ of 0.2 was 
investigated. The use of a wider, thinner strap proved beneficial, with a 
15 to 25% reduction of the stress intensity factors and consequently an 
increase in the fatigue lives of 15%. Both increased width and decreased 
thickness may play a role. 
 Changing the thickness of the substrate from 5 mm to 10 mm, keeping 
the same stiffness ratio of 0.2 and having a wider strap with 3.7 mm 
thickness did not have a significant effect on ΔKeff The fatigue life was 
increased by less than 1%.  
 The effect of strap materials with different stiffness (E) values was 
investigated. Straps of Glare, Aluminium, Titanium, CFRP and GFRP 
were modelled, and strap thickness changed to keep stiffness ratio 
constant at 0.2. The greatest reduction in ΔKeff was in the CFRP strap, 
and the least in GFRP. The ranking of the strap materials was in the 
order of their stiffness (CFRP greatest at 1.35x105 MPa, and GFRP the 
least at 0.44x105 MPa) and their strap thickness (CFRP the thinnest and 
GFRP the thickest). When calculating fatigue lives where values of ΔKeff, 
and Kres,equivalent are used, titanium strap samples had the longest life and 
GFRP the smallest. 
The results of the calculations of the fatigue lives are summarised in Table 10-4. 
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Table 10-4 : Results of fatigue lives for parametric study using ReSLIC 
Specimen type Fatigue life 
(nb, cycles) 
Variation in fatigue life 
(%) ( = [ref – case]/ref) 
AIRstream M(T) – ref. coupon 175,868 N/A 
Small disbond 175,931 < 1% 
Large disbond 176,024 < 1% 
Full disbond 175,918 < 1% 
Wide strap;  = 0.2 202,499 + 15% 
Thick substrate;  = 0.2 176,629 < 1% 
Aluminium strap 214,610 + 22% 
CFRP strap 203,279 + 16% 
GFRP strap 116,668 - 34% 
Titanium strap 226,629 29% 
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Chapitre 11 : Discussions 
11.1 Introduction 
This discussion is a critical review of the parameters that are affecting the 
efficiency of the BCR technology. It is built in two levels. The first level is an 
analysis at the coupons scale, discussing the results previously developed in 
Chapter 10 together with other studies conducted on the BCR technology. The 
second level of these discussions is at the panel level where it studies the effect 
of a greater scale on the BCR technology. For both levels, the influence on the 
stress intensity factor and the fatigue life will be outlined. 
11.2 Coupons level 
11.2.1 Influence of geometry, materials and mechanical interaction 
in BCR 
The tests reported in Chapter 4 showed a life improvement ratio of 1.17 which 
was much smaller than the life improvement of 2.7 obtained previously in the 
BCR samples [5]. This change is directly related to the changes in crack growth 
rate in the two samples as illustrated in Figure 11-1. 
 
Figure 11-1 : Fatigue crack growth rates for M(T) specimens under loading of 
max = 60 MPa and R = 0.1 for current design ( = 0.2) and previous design ( = 
0.09) 
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The difference in crack growth rate between the baseline and the reinforced 
case was of one order of magnitude (10-7 m/cycle) for the AIRstream specimen 
while the reduction was 2-3 times greater in the BCR case. These changes in 
crack growth rates are directly related to changes in stress intensity factors at 
the substrate crack front. The comparative FE analysis conducted in Chapter 10 
that looked at the differences between the two specimens pointed out that the 
stress intensity factor values for the AIRstream case were higher than the one 
of the BCR geometry. It was attributed to the difference in secondary bending 
that was higher for the AIRstream case than the BCR one.  
Because many parameters were changed between the AIRstream design and 
the BCR one, it is difficult to draw a conclusion on a single parameter that 
contributed to a reduction in secondary bending in the BCR case. There is an 
interaction between the geometry, material and mechanisms; the question is 
how they affect the ΔKeff of the substrate crack front? The next sections will 
review each parameters and mechanisms individually. 
11.2.2 Effect of substrate thickness on stress intensity factor 
The ΔKeff,weighted (Chapter 8) can be reduced if a thicker substrate is used with a 
stiffness ratio of 0.09 as illustrated in the previous section (substrate of 10 mm 
opposed to substrate of 5 mm with different stiffness ratio). However, in the 
analysis conducted in Chapter 10, there was little change in ΔKeff,weighted with 
substrates of 5 and 10 mm in thickness using the same stiffness ratio of 0.2. 
Hence this analysis suggested as a first rule that using a thicker substrate and a 
reduced stiffness ratio gives more reduction than a thicker substrate at the 
same stiffness ratio. Nevertheless, these effects are not solely responsible for a 
change in ΔKeff,weighted and the effects of the strap geometry must also be 
considered.  
11.2.3 Effect of strap width 
Past studies conducted on panels [5] showed that wide, thin straps had longer 
lives than thick, narrow ones. This was also demonstrated in chapter 10 with a 
reduction of ΔKeff,weighted for wide, thin straps. The FE analysis conducted in 
 225 
Chapter 10 showed reductions for wide thin strap of up to 35% on the bond side 
and 20% on the back side in comparison to the narrow, thick one. This resulted 
in a reduction of fatigue crack growth rates and increased life. 
This was also verified through experiments with tests conducted by Scott in 
[201] where two reinforced specimen with a stiffness ratio of 0.134 were tested. 
The thick and narrow strap was made of Glare 2A-6/5 (0.4), 16 mm wide while 
the wide and narrow one was made of Glare 1-3/2 (0.4), 32 mm wide. The 
narrow strap showed almost no sign of retardation while the wide one 
demonstrated an improvement ratio of 1.09.  
Hence the change in retardation effect for the wide strap may be attributed to a 
longer crack bridging effect due to the wider reinforced section, which results in 
a reduced stress intensity factor. This is confirmed in Figure 10-20 where under 
the same applied stress, the weighted stress intensity factor appears lower for 
the wide strap than for the narrow one from an early stage of the substrate 
crack length, approximately 17 mm. One of the major contributors to that 
change, as illustrated in Chapter 10 is the effect of secondary bending that is 
larger for the narrow strap than the wide one. 
11.2.4 Effect of strap position 
No calculations have been performed here on the effect on the stress intensity 
factor of the position of the BCR from the initial substrate crack. Nevertheless, it 
was proved in [202] that the best position is closer to the crack tip in the coupon 
case. In fact this will cause a reduction in fatigue crack growth rate in the early 
stages of the crack propagation which will increase the overall fatigue life of the 
specimen as early stage retardation are preferable to later stage retardation. 
11.2.5 Effect of strap material on stress intensity factor 
Several strap materials have been investigated through FE analysis in the 
current project under the condition that the stiffness ratio was kept at 0.2. It 
showed that with no disbonding, the effect of materials on the stress intensity 
factor was very variable with titanium and CFRP showing the best reduction of 
the stress intensity factor (Figure 10-45). Glare only resulted in a lesser 
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reduction of ΔKeff,weighted with a similar reduction to aluminium. Figure 11-2 
illustrates the value ΔKeff,weighted for a half crack length of 30 mm for all material 
cases that have been studied as a function of strap thickness. 
 
Figure 11-2 : Stress intensity factor as a function of thickness for different strap 
material under the same reinforcement ratio of  = 0.2. 
It shows that the stress intensity factor is reduced for thinner straps. This was 
explained in Chapter 10 through the effect of secondary bending. Hence this 
suggests that thinner is better. 
Because the effect cannot be reduced to the thickness only under the condition 
that = 0.2 for all strap materials, the results are also linked to the stiffness of 
the strap. Figure 11-3 illustrates the value ΔKeff,weighted for a crack length of 30 
mm for all material cases that have been studied as a function of strap modulus. 
 
Figure 11-3 : Stress intensity factor as a function of stiffness for different strap 
material under the same reinforcement ratio of  = 0.2. 
It shows that the stress intensity factor is reduced for stiffer straps with a 
reduced stress intensity factor for CFRP and titanium. Hence the results 
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summarized here show that under the same stiffness ratio (0.2 here), using a 
thinner and stiffer strap results in lower values of the stress intensity factor. 
11.2.6 Effect of disbond on stress intensity factor  
Disbonding showed no effect on the stress intensity factor when limited to a 
small amount of the interface such as 14% as illustrate in Chapter 10. The 
restriction to a limited triangular area of 52 by 26 mm may explain the absence 
of changes on ΔKeff,weighted as the disbonding is not significant enough to affect 
the results. Nevertheless, a larger amount of disbonding may affect the results.  
This was suggested by the modelling in ReSLIC of the delamination found in 
SENT specimens, a geometry that had been tested during the course of the 
project [163]. Details of the geometry of the specimen are given in Figure 11-4. 
This specimen was also made of a 2024-T351 aluminium alloy substrate 
measuring 400 mm by 140 mm and 5 mm thick with a Glare 2A-6/5 (0.4) 
reinforcing strap measuring 100 mm wide by 200 mm long. 
 
Figure 11-4 : Reinforced SENT specimen geometry 
Constant amplitude fatigue tests carried out on these specimens [163] 
demonstrated larger amounts of disbond compared to the reinforced M(T) 
specimens as illustrated in Figure 11-5 with almost half of the reinforced area 
disbonded. 
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Figure 11-5 : Disbond characteristics for SENT specimen 
This was confirmed by NDT inspection of the specimen after completion of the 
test that demonstrated a triangular like shape of disbonding through C-scanning 
of the coupon (Figure 11-6) 
ReSLIC modelling results showed the same amount of disbonding resulting in 
an increase of the stress intensity factor as illustrated in Figure 11-8. The value 
given here is the weighted stress intensity factor range. The difference with a 
case with no disbonding is starting very early with a crack length of 
approximately 50 mm and increases as the crack grows with a very well-marked 
effect of disbonding passed 80 mm where the difference in stress intensity 
factor becomes larger than 40 MPa.m1/2. 
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Figure 11-6 : Experimental evidence 
of disbonding for reinforced SENT 
specimen [163] 
 
 
Figure 11-7 : Disbond model for 
reinforced SENT specimen (showing 
half specimen) 
Figure 11-8 : Effect of disbonding on 
weighted stress intensity factor for 
reinforced SENT specimen 
Hence, while 14% aerial delamination showed limited effect in the stress 
intensity factors, 50% showed a much larger effect on the stress intensity factor. 
This different effect on the stress intensity factor may be attributed to the 
difference in specimen geometries between the M(T) specimen and the SEN(T) 
specimen where delamination is more likely to develop in the SEN(T) case than 
the M(T) case. 
In order to understand the reasons for the larger amount of disbond in SENT as 
opposed to the reinforced M(T) specimens, the level of strain energy release 
rate in the SENT specimen were investigated using the results from ReSLIC 
that returns the values of the strain energy release rate along the delamination 
front. 
For a 38 mm crack length there are G values of 0 J/m2 and 463 J/m2 for mode I 
and mode II for the SEN(T) specimen while for the reinforced M(T) specimen 
they are respectively 0 J/m2 and 25 J/m2 for a similar crack case (values given 
0 
50 
100 
150 
200 
0 20 40 60 80 100 120 140 

K
ef
f,
w
ei
g
h
te
d
 (M
P
a.
m
1/
2 )
 
Crack length a (mm) 
SENT - no disbond SENT - with disbond 
STRAP 
1
0
0
 m
m
 
200 mm 
 230 
here are maximum values along the crack front). Hence the difference in 
delamination advance can be explained by the level of SERR that are quite 
different from one geometry to the other (factor of almost 20 for mode II). 
11.2.7 Effect of thermal residuals stresses 
In the case of Glare straps used in the Airstream geometry, residual stresses 
are tensile [163] of the order of 15 to 20 MPa on the reinforced side and with 
reduced stresses of 10 to 15 MPa on the back side. The tensile nature of these 
residuals stresses will reduce the retardation effect as they will contribute to 
higher values of stress intensity factors. The parametric study conducted in 
Chapter 10 also showed reduced residual stresses for Glare that are similar to 
aluminium and much reduced compared to CFRP, titanium and GFRP. Hence 
this effect, coupled to the effect of secondary bending reported in the previous 
chapters will affect the stress intensity factor ΔKeff.  
No investigation has been carried out regarding the effect of the strap geometry 
on the TRS in the current work, but Boscolo [50] conducted an analysis using 
titanium straps. Under equivalent cross section (same stiffness ratio ), it 
showed that the wider and thinner the strap, the lower the residual stresses, 
and in consequence the residual stress intensity factor was reduced. If the strap 
thickness was kept constant and the width increased, the TRS increased. 
Considering the same width and increasing the thickness resulted in higher 
TRS, with a factor of 1.5 for a thickness increased from 2 to 6 mm (width was 
20 mm).  
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11.3 Panels level 
11.3.1 Effect of substrate material on retardation 
In addition to the use of BCR, the life of a structure can be improved with the 
use of a material that present reduced crack growth rates. Brick [203] and 
Demri [161] studied crack propagation in non-reinforced M(T) coupons made of 
2199 Al-Li and 2024 HDT respectively for a case of variable amplitude loading. 
Figure 11-9 is a comparison of the fatigue life data. Each coupon was tested 
under the same variable amplitude spectrum, clipped at 101 MPa and gated at 
25 MPa. It shows a better result for the 2199 al-lith with a fatigue life of 269,824 
cycles compared to 222,788 cycles for the 2024 HDT case. This is explained by 
the difference in crack growth rates illustrated in Figure 11-10. It shows the 
constant amplitude fatigue crack growth data for 2024 HDT (data provided by 
Alcoa) and 2199 Al-Li (data collected at Cranfield on C(T) specimens [204]) 
under R = 0.1 and R = 0.7. The crack growth rates for the 2024 HDT material 
are greater than the 2199 Al-Li, especially at the largest values of ΔK. Hence 
specimen made of a material that present reduced fatigue crack growth rate 
properties will exhibit a longer crack growth life. 
 
 
Figure 11-9 : a vs. N for M (T) baseline 
specimens (2199 and 2624) under 
spectrum loading with maximum 
spectrum stress of 101 MPa. 
Figure 11-10 : Constant amplitude 
fatigue crack growth rate for 2624-T351 
and 2199-T8E80 at R = 0.1 and R = 0.7 
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Despite the comments made above, this was not verified for the panel tests. As 
outlined in the panel chapter, 2024 HDT skins were used as well as 2199 al-lith. 
The baseline 2024 HDT panel performed better than the 2199 al-lith one with 
respective fatigue lives of 69,000 and 61,000 cycles for a crack length of 110 
mm. The overall life was also better for the 2024 HDT baseline panel with 
231,938 cycles as opposed to 206,694 cycles for the 2199 al-lith baseline panel 
(Figure 11-11). The crack growth rates illustrated in Figure 11-12 show higher 
crack growth rates for the 2199 al-lith panel compared to the 2624 HDT panel. 
Those results could be explained by the fact that the 2024 HDT baseline panel 
was tested at slightly higher stresses than the 2199 al-lith baseline panel, 2% 
higher. This could be responsible for a larger plastic zone when the peak loads 
are applied to the panel which could increase the retardation effect. It was also 
noted during preparation of the 2199 panel that there were local variations in 
skin thickness caused by the machining process. It is possible that the skin of 
the 2199 was locally reduced in thickness. This would promote a temporary 
enhancement in local stress, and hence in local ΔK, causing increased crack 
growth rates. 
 
 
Figure 11-11 : Fatigue crack growth life 
for 2199 al-lith and 2024 HDT panels 
Figure 11-12 : Fatigue crack growth 
rates results for 2199 al-lith. baseline 
and 2024HDT baseline panels 
 
Different results were observed for the reinforced panels with similar crack 
growth rates for the 2024 HDT panel and the 2199 al-lith one (Figure 11-13), 
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but with a slightly longer life for the 2199 al-lith panel compared to the 2024 
HDT one, at equivalent crack length (Figure 11-14). 
 
 
Figure 11-13 : Fatigue crack growth 
rates results for 2199 al-lith. and 
2024HDT reinforced panels 
Figure 11-14 : Fatigue crack growth life 
results for reinforced 2199 al-lith. and 
reinforced 2024HDT panels 
11.3.2 Panel design vs. coupons design 
As developed in Chapter 10, secondary bending reduces the overall effect of 
BCR with an increase of the stress intensity factor weighted average. This was 
demonstrated at the coupons level with the difference observed between the 
Airstream coupons and the BCR one as well as through the parametric study of 
strap width and strap material. At the coupons level, this can be seen as a lack 
of stiffness of the overall coupon that does not limit the bending. In the case of 
skin-stringer panels, the stringers will limit the bending. Comparisons of the 
reinforced coupons and the reinforced panels tested under variable amplitude 
fatigue show large differences in the life improvement ratio with 1.24 for the 
coupons [161] and more than 5 for the panels. Using the strain gauge 
measurements from the calibration, Table 11-1 illustrates the amount of 
secondary bending obtained for the panels. 
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Table 11-1: Calculated secondary bending for baseline and reinforced 
panel based on strain gauge readings from calibration – comparison to 
coupons 
Panel Skin BCR 
Stress 
outer 
skin 
(MPa) 
Stress 
inner 
skin 
(MPa) 
Bending 
stress 
(MPa) 
Bending 
% 
P_COU_01 2024HDT No 111 108 +1.5 1.5% 
P_COU_02 2024HDT Yes 93.5 90.6 +1.45 1.5% 
P_ALC_01 2199 Al-lith No 97.6 109 -5.7 5.6% 
P_ALC_02 2199 Al-lith Yes 89.0 98.4 -4.7 4.9% 
P_COU_03 2099 - T81 Yes 115 117 -1 1% 
M(T) Airstream design 
(current) 
Yes 87 68.6 9.2 15.3% 
M(T) BCR design (former) Yes 68.8 59.5 4.7 7.8% 
Table 11-1 demonstrates that the amount of bending is fairly small in the panels 
with an absolute maximum of 5.7 MPa for the al.-lith. baseline panel while 
bending stresses of up to 9 MPa were calculated on the M(T) specimens. 
Hence there is 5.6% of bending in the panels as opposed to 15.3% for the 
specimens (% of bending = bending stress/applied stress), a ratio of more than 
2 between these two configurations. It shows that the panels are less subjected 
to secondary bending due to the presence of the stringer. This was confirmed 
by Demri [161], where measurements showed up to 20% of bending in the 
reinforced M(T) coupons for an applied stress of 101 MPa. Hence these 
measures confirmed the detrimental effect of secondary bending. 
11.3.3 Geometry effect: ISP vs. bolted panels 
Two designs were tested during the panel tests; bolted and integrally machined. 
An ISP design might be preferred in a real structure as the reduced number of 
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rivet hole reduces the possible sites of crack initiation. However the bolted 
design is likely to have increased damage tolerance [7]. 
As no baseline was tested for the ISP panel no comparison in improvement 
ratio can be made. Nevertheless crack growth behaviour and crack growth rates 
for the 3 reinforced panels can be compared. Figure 11-15 shows the fatigue 
life of these three panels and Figure 11-16 shows the associated crack growth 
rates. 
 
 
Figure 11-15 : Fatigue life for 2024 HDT 
reinforced, 2199 al-lith reinforced and 
2099 ISP reinforced panels 
Figure 11-16 : Fatigue crack growth 
rates for 2024 HDT reinforced, 2199 al-
lith reinforced and 2099 ISP reinforced 
panels 
Very similar behaviour is observed for the 2 bolted panels with a longer life for 
the 2199 panel that can be attributed to the fact that the re-initiation was not 
successful in the 2024 HDT panel. Crack growth rates are also similar. The ISP 
panel has a shorter life at equivalent crack length – 100 mm – and higher crack 
growth rates as illustrated in Figure 11-16. The 2199 panel clearly demonstrates 
the effect of strap for crack lengths between 130 and 180 mm with an almost 
constant crack growth rate. This was not observed in the ISP panel. Hence 
those results suggest that the effects of BCR are more beneficial in the case of 
the bolted panel than the ISP one. It is also interesting to notice the load re-
distribution in the two configurations that lead to different failure in unexpected 
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areas. Those were areas of stress concentration as well as areas of possible 
tensile residual stresses due to friction stir welding (ISP panel).  
Nevertheless, the stiffness ratio μ is different between the ISP and the bolted 
panel with respectively 0.12 and 0.26. Hence it shows a lower level of 
reinforcement for the ISP panel which may explain the reduced life and the 
reduced effect of the BCR. The strap loading system is also different with 
directly loaded strap (straps loaded through the gripping system) for the bolted 
panel and shear loaded straps for the ISP (straps are not loaded in the gripping 
system). Hence less stress is transferred to the straps for the ISP panel as 
opposed to the bolted configuration. 
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Chapitre 12 : Conclusions 
A comprehensive analysis of the use of Bonded Crack Retarders for lower wing 
applications has been successfully conducted through testing and finite element 
analysis. It contributed to a better understanding of the interaction of all 
parameters and mechanisms of BCR, hence allowing the designer to make the 
right choice regarding the design of the crack retarder. 
1- Fatigue tests performed on reinforced M(T) coupons with a substrate 5 mm 
thick and a stiffness ratio of 0.2 demonstrated a life improvement of 17%. 
This was a much lower improvement compared to 170% that was obtained 
in the first project for 10 mm substrate with a reinforcement ratio of 0.09. 
2- Skin-stringer panel tests demonstrated fatigue crack growth rates reduced 
by a factor of up to 5-6 from the baseline with a life improvement of more 
than 5 for the bolted reinforced panels. The reinforced ISP panel did not 
show a larger life compared to the reinforced bolted one (730,000 vs. 
1.13x106 cycles) but it demonstrated the smallest reduction in crack growth 
rate in the reinforced area. 
3- A series of static and fatigue tests were performed in order to characterize 
the behaviour of the adhesive system employed. These data were used in a 
design tool to calculate the delamination progress. 
4- A finite element design tool was developed in order to get a better 
understanding of the interacting mechanisms present in BCR and to conduct 
a parametric study. Thermal residual stresses, disbonding, nonlinear 
mechanisms and crack front asymmetry were considered in the model. 
5- The finite element design tool was validated through a comparison with 
fatigue tests. The constant amplitude fatigue lives were predicted with an 
error of 16%. 
6- Previous studies as well as use of the design tool to conduct a parametric 
analysis showed that : 
 Disbonding has no effect on the substrate crack stress intensity factor for 
the M(T) case. For SEN(T) specimen, this effect is well marked. 
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 A wider strap is preferred to a narrow one – at equivalent stiffness ratio – 
with an increase of 15% on fatigue life that is attributed to a longer effect 
of the crack bridging mechanism. This was demonstrated through 
experimental results as well. 
 A thicker substrate – at equivalent stiffness ratio – showed no change in 
improvement. With a thicker substrate and a reduced stiffness ratio, there is 
a major improvement as shown by the BCR case. 
 Analysis of the stress intensity factor showed reduced K values for 
Aluminium, titanium and CFRP as opposed to Glare (up to 15 MPa.m1/2). 
GFRP showed higher values (up to 10 MPa.m1/2). This was verified in terms 
of fatigue lives with changes in the improvement ratios due to thermal 
residual stresses. Also, because of the stiffness ratio kept constant, the 
influence of strap thickness was verified with the conclusion that thinner is 
better due to a reduction in secondary bending effect for thinner straps. 
7- It was demonstrated throughout the study that secondary bending is one of 
the major mechanisms defining the effect of BCR. Increase in secondary 
bending for the Airstream coupons geometry demonstrated a reduction in 
fatigue life improvement. This was proven through testing and FE analysis. 
That is why reducing the secondary bending effect is beneficial to fatigue 
life, as proven during the panel tests where bending was reduced due to the 
presence of the stiffeners (reduction of up to 10%).  
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Chapitre 13 : Future work 
13.1 Application of ReSLIC to panel cases 
ReSLIC, in its current version, was defined in order to conduct a parametric 
analysis at a coupons level in order to understand what would be the best BCR 
configuration. To that end it was developed such that a user could enter any 
geometry of an M(T) or SENT specimen associated to a rectangular shape BCR 
patch and ReSLIC will return delamination propagation and the stress intensity 
factor K as a function of crack length, allowing for the post-processing of fatigue 
life and crack growth rate. Hence, the geometry of the substrate is a limitation of 
ReSLIC and applying ReSLIC to a panel case would not be possible directly. 
Nevertheless, some of the modules that define ReSLIC could be used for panel 
applications, and in particular the delamination module that calculates whether 
or not delamination progresses. In fact the calculation is based on the 
coordinate system of the BCR patch and if this are well defined initially, it will 
then be possible to use the delam.py script for delamination propagation. One 
requirement would be the definition of delamination initiation that could be either 
implemented as it is currently in ReSLIC, with delamination propagating when 
the main crack enter the strap or, one addition to the current calculation would 
be to base it on the evaluation of the adhesive through thickness stresses and 
in plane shear stresses. Use of that method will assume that delamination takes 
place at the interface between the strap and the skin substrate and this will 
need to be confirmed through NDT or cross section analysis of the current 
panels that have been tested. 
In addition to the location and initiation of delamination, other assumptions that 
were considered for the coupons case were the absence of damage on the 
strap and the use of a straight main crack through the substrate thickness. 
Regarding the damage of the strap, this assumption could also be considered 
for the panel modelling as no damage were observed on the reinforcements. 
Regarding the straight crack front, this assumption could be kept as is for the 
bolted panel, but it will need to be revised for the ISP cases as curvature of the 
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crack front is observed in that case and needs to be considered for life 
calculations (Figure 13-1). 
 
Figure 13-1 : Modelling approaches for bolted panels and integrally machined 
panels 
The current method used in ReSLIC could be adapted to any node in the 
midline cross section of the panel where the crack is propagating. Otherwise, 
one method that could be used to calculate the curved crack front and that was 
suggested earlier in the thesis would be Hosseini-Toudeshky’s method [90]. 
Both methods will consider a crack front that propagates in line through the 
centreline of the panel. 
Regarding the implementation of the calculation in an algorithm similar to 
ReSLIC, a two steps calculation may be necessary for the panel case with first 
a preparation of the CAD file of the panel and the meshing of the geometry by 
the user and then in a second time, once all the geometry has been meshed 
and the rivet have been defined through specific elements – truss and coupling 
for example – the mesh may be used to automate the crack and delamination 
propagation as illustrated below (Figure 13-2). 
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Figure 13-2 : Panel application of ReSLIC calculation 
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Figure 13-2 demonstrates that several modules of the coupons version of 
ReSLIC could be used for the panel case, under certain modification due to the 
complexity of the panel geometry. The crack advance and the delamination 
advance in that case will be based on preliminary identification of the nodes at 
the crack path and nodes at the delamination interface. 
One key improvement that could be applied to the panel application of ReSLIC 
would be an independent calculation of the thermal residual stresses induced 
by the curing process in a separate model and then the use of output database 
as initial conditions in ReSLIC. This may reduce the calculation time and reduce 
the prediction errors. 
Also one parameter that was not looked at on the coupons level because of 
their definition would be the residual stresses due to the presence of the bolts 
that will majorly change the stress distribution. In fact, this was highlighted for 
the ISP panel where the presence of the bolts may be responsible for a 
reduction of crack growth rates in the surroundings of the bolts due to 
compressive residual stresses. This will require additional modules for the panel 
calculation that considers the effect of bolts on the stress distribution. 
One phenomenon that was not present for the coupons case is the damage 
initiation in the stringer, which was observed during the latest stage of fatigue 
crack growth in the panel. This will require further scripting to incorporate that 
calculation into the algorithm and is of importance as it will have a major effect 
on the load distribution in the panel. 
If not using ReSLIC calculation algorithm directly, it appears that the sets of 
delamination data that were generated for FM94 are key data to calculate the 
delamination advance and those could be used through a different methodology 
that was quoted earlier in Chapter 3 such as the use of cohesive elements at 
the interface of delamination. In fact those data could be used for existing 
delamination codes [137]. 
In summary, ReSLIC would not be applicable directly to the panel case but 
additional scripting will be necessary as described above. Nevertheless, some 
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of the scripts used for crack advance and delamination propagation may be 
used for the panel case. 
13.2 General items 
One of the major limitations of the design tool is the lack of an initiation 
mechanism for delamination. This could be solved by exploring two 
methodologies which are the cohesive formulation or the enriched solution (X-
FEM). It will also be interesting to evaluate the effect of larger amounts of 
delamination on the coupons and also verify the amount of delamination that 
was obtained through the panel tests and study the correlation with coupons 
tests. 
Further work should be conducted on the coupons level with tests on reinforced 
coupons using substrates made out of aluminium Lithium 2199 material. This 
would validate the improvement found with baseline coupons that could not be 
confirmed with the panel tests. 
The testing of a baseline ISP panel would demonstrate whether or not the use 
of BCR on an integrally machined structures results in the same level of 
retardation as a bolted one. 
A wider range of mixed mode delamination test could be conducted in order to 
get further understanding on the effect of mode I for these tests with for 
example, levels of mode I of 5-10%. In addition, it would be interesting to 
conduct delamination fatigue test under variable amplitude loading condition. 
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APPENDICES 
Appendix A Spectrum manipulations 
This appendix presents the results of the manipulation performed on the 
variable amplitude loading spectrum (2144) provided by our partner, AIRBUS. 
The load capacity of the testing machine being 800 kN modification of the 
spectrum was necessary through clipping of the original spectrum. In order to 
reduce the duration of the test, a gating manipulation that consists of removing 
the cycles smaller than a given range was also performed. The effects of these 
manipulations were evaluated through a series of life calculation simulation 
using a baseline middle crack tension coupon. 
A.1 Original spectrum: Spectrum 2144 – Bottom Cover Panel 
test 
The spectrum, as received, consisted of a sequence of 4,800 blocks with 21 
different blocks in the sequence. There was a maximum of 573 turning points 
per block. As the spectrum was received as a sequence of blocks it needed to 
be concatenated. Once concatenated using a macro in Microsoft Excel, the 
sequence of 4,800 blocks consisted of a spectrum with 276,461 turning points 
and 138,230 cycles. The first 2000 turning points are presented in Figure A-1.  
 
Figure A-1: First 2000 turning points of original loading spectrum 2144 
The maximum stress is 140.3 MPa and the minimum stress, -32.39 MPa.  
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The software nCode was used to perform a rain flow cycle count of the original 
spectrum in order to see the distribution of the cycles. The result of this rain flow 
cycle count is shown as a range/mean histogram representation of the number 
of cycles (Figure A-2). 
 
Figure A-2 : Histogram of cycle counting for original spectrum 
The histogram above gives the number of cycles depending on the stress range 
(MPa) and the mean stress (MPa) of these cycles. 
 Three groups clearly appeared in this rain flow cycle count. The first one 
(Group 1) is made of a large number of cycles with a range lower than 15 MPa 
and a negative mean between -10 MPa and -20 MPa. These cycles appear 
clearly on the spectrum in Figure A-1 as the small cycles in the lower part of the 
spectrum. The second group (Group 2) has a much larger number of cycles 
with a range mainly between 25 MPa and 50 MPa and a mean stress around 60 
MPa. These cycles also appear clearly on the spectrum part shown in Figure 
A-1 as the bigger cycles in the upper part of the spectrum. The last group 
(Group 3), with fewer cycles than the two other groups is the one with a mean 
stress around 20 MPa and a range above 100 MPa. These cycles correspond 
to the takeoff and landing cycles. 
  
Group 2 
Group 1 
Group 3 
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A.2 Spectrum modification 
The maximum capacity of 800 kN of the test machine meant that the 
spectrum had to be modified in order to fit to that limit. Table- A-1 hereafter 
gives the cross section of the different panels that were being tested together 
with the loads necessary to reach the maximum and minimum stresses 
corresponding to the original spectrum. 
Table- A-1 Panels cross section and corresponding test loads. 
Panel 
Cross 
section 
(mm2) 
max 
(MPa) 
min 
(MPa) 
Fmax (N) Fmin (N) 
Bolted panel, 
Unreinforced 
5,701 140.3 -32.4 799,811 -184,646 
Bolted panel, Reinforced 7,919 140.3 -32.4 1,111,102 -256,511 
Integrally Stiffened 
Panel (ISP), reinforced 
6,547 140.3 -32.4 918,555 -212,059 
The panels were being tested on a 1MN Instron loading machine 
restricted to loads of 800,000 N in tension and 150,000 N in compression. 
Hence, from the results above it appeared that the loading spectrum had to be 
modified. As the maximum cross section of the series of 3 panels was 7,919 
mm2 for the reinforced bolted panel, the maximum stress achievable with the 
machine was max = 101 MPa and min = -19 MPa. 
In order to reduce the maximum and minimum values of the spectrum, two 
methods were possible. The first method, clipping consists in lowering all 
values above 101 MPa to 101 MPa and respectively all values below -19 MPa 
to -19 MPa. The second method, linear reduction consists in applying a factor 
to the whole spectrum (different for positive and negative loads) in order to 
reduce the maximum stress of the spectrum and consequently all stresses in 
the spectrum. Nevertheless, the second method was not chosen for 
manipulating the spectrum as it would have modified the whole content of the 
spectrum rather than just modify the upper and lower limits of the spectrum. 
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Instead, the clipping method was selected. The first 2000 turning points of the 
clipped spectrum are given in Figure A-3 and the rain flow histogram is 
represented in Figure A-4. 
 
Figure A-3 : First 2000 turning points of clipped spectrum (no gating) 
 
Figure A-4: Histogram of cycle counting for clipped spectrum (No gate) 
As expected, one can observe that after clipping the spectrum the upper and 
lower limits have changed and reached values within the allowable interval of 
the machine. The cycles distribution (Figure A-4), has slightly changed but the 
Group 1 
Group 2 
Group 3 
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cycles distribution remained the same with a large amount of small cycles 
having a negative mean between -10 MPa and -20 MPa (group 1), larger cycles 
with a positive mean around 60 MPa (group 2) and the take-off and landing 
cycles (group 3). 
The second manipulation concerns the number of cycles in the spectrum. In 
fact, as received the spectrum consists of 138,230 cycles. If the whole spectrum 
had been tested, this would have resulted in a very large amount of time for 
testing as many small cycles will be non-damaging. The solution was then to 
reduce the number of cycles in the spectrum in order to reduce the time of 
testing by a gating method. This method consists of removing the cycles that 
have a range lower than an amount determined by the user. Nevertheless, one 
must be careful when removing the low range cycles as it could change the 
results in terms of the damage content of the spectrum. Four gate levels were 
initially chosen, 10 MPa, 15 MPa, 20 MPa and 25 MPa. As shown by the rain-
flow count of the original spectrum, there were a large number of cycles with a 
negative mean stress and a range lower than 15 MPa. Hence it was chosen to 
apply gates of 10 MPa and 15 MPa on the original spectrum. Moreover, as 
there were also a large number of cycles with a positive mean stress and a 
range lower than 25 MPa it was chosen to apply gates of 20 MPa and 25 MPa. 
The first 2000 turning points of the clipped and gated (25 MPa) spectrum are 
given in Figure A-5. 
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Figure A-5: First 2000 turning points of clipped and gated spectrum (25 MPa 
gate) 
A.3 Modified spectrum 
The modified spectra are given in terms of turning points and number of cycles 
in the next paragraphs. The modified spectrum rain-flow histograms are also 
given for means of comparison with the original spectrum. 
A.3.1 Scenario 1: Gated original spectrum 
Table A-2 : Modified original spectrum turning points and cycles number 
Original spectrum 
Gate level Nb. Turning points Nb. cycles 
No gate 276,461 138,230 
10 MPa 215,169 107,584 
15 MPa 177,343 88,671 
20 MPa 133,117 66,558 
25 MPa 116,407 58,203 
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Figure A-6 : Rain flow histogram for original and gated spectra (10 MPa, 15 MPa, 
20 MPa and 25 MPa gate levels) 
As defined, applying a gate to a spectrum meant removing all the cycles that 
had a range lower than the gate level used. If the rain-flow histogram of the 
spectrum gated to a level of 10 MPa, respectively 15 MPa, 20 MPa and 25 MPa 
is compare to the rain-flow histogram of the full spectrum (Figure A-2) one can 
see that all the cycles with a range lower than 10 MPa respectively 15 MPa, 20 
MPa and 25 MPa do not appear as they have been removed from the spectrum 
during the rain-flow counting as pointed out on Figure A-6. Moreover the three 
groups that have been described in Figure A-2 are still present with the number 
of cycles in group 1 (negative low range cycles) mainly reduced due to a large 
gate level. 
A.3.2 Scenario 2: Gated and clipped spectrum 
The clipped and gated spectra are given in terms of turning points and number 
of cycles (Table A-3). The modified spectrum rain-flow histograms are also 
given for comparison with the original spectrum (Figure A-7). 
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Table A-3 : Modified clipped spectrum turning points and cycles number 
 
Clipped spectrum 
Gate level Nb. Turning points Nb. cycles 
No gate 276,461 138,230 
10 MPa 212,469 106,234 
15 MPa 176,959 88,479 
20 MPa 132,733 66,366 
25 MPa 116,021 58,010 
 
Figure A-7 : Rain flow histogram for clipped and gated spectra (10 MPa, 15 MPa, 
20 MPa and 25 MPa gate levels) 
  
 273 
A.4 Life predictions 
In order to evaluate the effects on life of the manipulations described 
above, the fatigue life of a non-reinforced M(T) sample was calculated with 
different spectra which are clipped and/or gated. 
The aim of these life predictions were to explore if the clipping manipulation was 
a convenient method to reduce the limits of the original spectrum. If the clipping 
manipulation that is carried out on the original spectrum is good, the number of 
repeats of spectrum (life prediction) should not change in a large amount 
between the original spectrum and the clipped one.  
Regarding the gating manipulation, several gate levels have been investigated 
in order to reduce the time duration of the tests. Nevertheless it was necessary 
to study what was the optimum gate to use – optimum range in the spectrum – 
in order to get results that were still representative of the original spectrum. 
The life predictions were calculated with AFGROW (v4.0009e.12). The details 
of the life prediction are given hereafter. 
Model: 
The model used was a through crack with a user defined beta solution. The 
analytical solution of beta for a MT specimen was used in that case: 
 
 
 
    
 
    
  
  
 
 (A-1) 
 
 
Figure A-8 : M(T) coupon and beta analytical solution  
2b 
2a 
 274 
The dimensions applied were: 
Width (W) = 0.070 m 
Thickness (T) = 0.005 m 
Crack length = 0.010 m 
 
Material: 
The material properties used for the simulation were those for 2624 – T351 
(2024 HDT) that was used for part of the panels and coupons tested. The 
tabular lookup material input was used. The fatigue crack growth rates data at R 
= 0.1 and R = 0.5 were used for the calculations. 
Retardation model: 
The closure model was used in order to take into account the effect of 
retardation caused by the spectrum. During a variable amplitude fatigue crack 
growth test [161] performed on a non-reinforced specimen under a clipped and 
gated (25 MPa) spectrum, with maximum stress of 101 MPa, the fatigue life 
reached 222,788 cycles. This experimental value was used in order to calculate 
the closure factor in the crack growth model by tuning the calculation. The 
closure factor was determined as 0.6159 for that spectrum.  
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A.5 Results 
Table A-4 hereafter gives the results of the simulation together with an estimate 
of the duration of the test in case of a test that is run at a frequency of 1 Hz. 
Table A-4 : Life prediction simulation results 
Spectrum Gating Nb cycles 
No retardation Retardation 
Cycles repeats 
Duration 
(hours) 
Cycles repeats 
Duration 
(hours) 
Original 
No 138,230 429,415 4 119 717,271 6 199 
10 MPa 107,584 334,219 4 93 558,206 6 156 
15 MPa 88,671 275,485 4 77 460,049 6 128 
20 MPa 66,558 210,755 4 59 345,152 6 96 
25 MPa 58,203 184,227 4 52 301,775 6 84 
Clipped 
No 138,230 454,966 4 127 572,062 5 159 
10 MPa 106,234 349,759 4 98 439,606 5 123 
15 MPa 88,479 291,360 4 81 367,084 5 102 
20 MPa 66,366 219,058 4 61 275,736 5 77 
25 MPa 58,010 191,455 4 54 240,454 5 67 
 The fatigue life predictions for the original spectrum with no gating shows 
that gating is necessary as the tests can run for up to 9 days (1 Hz) for 
an unreinforced M(T) specimen (calculation with retardation). 
 The gating manipulation demonstrates that the duration of the tests can 
be greatly reduced by a factor of more than two, going from a 119 hours 
test (Original spectrum – No gate) to a 52 hours test (Original spectrum – 
25 MPa gate). This is explained by the fact that the number of cycles in 
the spectrum has been majorly reduced with the deletion of the less 
damaging cycles. 
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 Moreover, the number of repeats for the no gate case and the gated 
cases stays to 4, which suggests that no highly damaging cycles were 
removed through this manipulation 
 Clipping the spectrum did not change the number of repeats of the 
spectrum before failure for the case with no retardation. In fact, for all the 
cases of clipped spectrum the number of repeats stays approximately to 
4. Nevertheless when the retardation is introduced in the calculations, 
the number of cycles increased slightly due to the retardation effect 
which appears to be higher for the original spectrum than for the clipped 
one. This is due to the larger amplitude cycles present in the original 
cycles which are reduced in the clipped spectrum. 
 Nevertheless, one can observe an increase in the duration of the tests; 
119 hours for the non-gated original spectrum compared to 127 hours for 
the non-gated clipped spectrum. This increase can be attributed to the 
fact that the clipping manipulation has removed the largest load 
excursions which were damaging. Once the retardation effects were 
included in the model the effect was reversed with lower duration of test. 
This is due to the retardation effect mentioned in the previous paragraph. 
 The experimental value of 2.22 x 105 cycles can be compared with the 
predicted life of 2.4 x 105 cycles- an over prediction of less than 8% of the 
original life. This gives confidence in the AFGROW model and in the 
calculated values of the effects of spectrum manipulation in the table 
above. 
 
A.6 Conclusions 
The main conclusion of this computation is that the clipping method was a 
satisfactory method for the truncation of the spectrum. 
 For the clipped spectrum, the lives obtained are slightly reduced 
compared to the lives of the original spectrum, which confirms that the clipping 
manipulation did not remove the most damaging cycles. The changes in lives 
are mainly due to the changes in the retardation effect. With no retardation 
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effect, a slight increase in the duration of the tests can be explained by the fact 
that the largest load excursions have been removed and that these cycles were 
more damaging cycles. Nevertheless with the retardation effect, this outcome is 
reversed with longer lives for the original spectrum than for the clipped one. 
There is a certain balance here between whether or not the largest excursion 
are present which will reduce the fatigue life of a specimen but also increase it 
at the same time due to a larger retardation effect. 
 Moreover, the gating manipulation proves to be a mean to reduce the 
duration of the tests by a factor of approximately 2 as proved the example of the 
unreinforced M(T) sample with 6 days test for a non-gated clipped spectrum 
and a 3 days tests for a 25 MPa gated clipped spectrum. 
 That is why the clipped spectrum with respective maximum and minimum 
stresses of 101 MPa and -19 MPa together with a 25 MPa gate level was 
chosen in order to perform the tests. 
A.7 Late modifications 
During the course of the project, it appeared during the calibration stage 
of the panel tests that the cross sections of some of the panels (reinforced 
ones) were greater than expected. Hence, the maximum stress limit of 101 MPa 
was no longer achievable by the test machine. It was found that the maximum 
stress had to be reduced to 97.7 MPa. 
Hence a second clipping manipulation was applied to the spectrum in 
order to reduce the maximum stress from 101 MPa to 97.7 MPa. The gate level 
was kept to 25 MPa. 
A simulation was performed in order to evaluate the consequence of that 
change in maximum stress on the fatigue life of the specimen. As a reminder of 
the results for the clipped spectrum (101 MPa) with a gate of 25 MPa, and the 
retardation effect, the life was estimated to 240,454 cycles. For the newly 
clipped spectrum (97.7 MPa), with the 25 MPa gate and retardation effect, the 
life was calculated to be 216,757 cycles. Hence there was a difference of 10%. 
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Appendix B : Panels detailed drawings 
B.1 Bolted panel skin 
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B.2 Bolted panel stringer 
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B.3 Bolted panel rib 
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B.4 Bolted panel Glare bonded crack retarder strap 
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B.5 Bolted panel assembly 
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B.6 Integrally machined stiffened panel, reinforcement 
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B.7 Integrally machined stiffened panel, rib 
 
  
 285 
B.8 Integrally machined stiffened panel, assembly 
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B.9 Integrally machined stiffened panel, initial damage 
 
  
 287 
Appendix C : Strain gauge measures for 2199 Al-lith 
panels and 2099 ISP panel 
C.1 Panel 3: 2199-T8E80 – bolted – no reinforcement 
(P_ALC_01) calibration 
Figure C-1 and Figure C-2 show the strain gauge locations for this panel. 
Because the maximum stress achievable for panel 2 (2024HDT reinforced) was 
97.7 MPa, it was decided to perform panel 3 at the same value of stress. A 
series of 5 calibration ramps was used in order to find the exact load that will 
provide 97.7 MPa in the reference strain gauge (strain gauge #3 here). It was 
found that a load of 582 kN should be used, translating the strains to stress 
using a skin stiffness for 2199 alloy of 75.2 GPa. 
The calibration measures are given in Figure C-3 to Figure C-7. The results 
obtained during the calibration at maximum load are given in Table C-1. It 
shows the maximum strain and corresponding stress obtained for each strain 
gauge. The modulus used to convert measured strains to stresses is 75.2 GPa 
for the skin mounted gauges on 2199 alloy, and 78.7 GPa for the stringer strain 
gauges mounted on 2099 alloy.  
 
Figure C-1  : Panel 3 strain gauge location – front view (strain gauge 1, 4, 3) 
 288 
 
Figure C-2 : Panel 3 strain gauge location – Back view (strain gauge 5, 6; 7 and 8) 
  
Figure C-3 : Strain gauge results from 
calibration at maximum load for strain 
gauge 3 – Panel 3 
Figure C-4 : Strain gauge results from 
calibration at maximum load for strain 
gauge 4 – Panel 3 
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Figure C-5 : Strain gauge results from 
calibration at maximum load for strain 
gauges 5 and 3; opposite strain gauge 
on skin side and stringer side – panel 3 
Figure C-6 : Strain gauge results from 
calibration at maximum load for strain 
gauges 6 and 1; opposite strain gauge 
on skin side and stringer side – panel 3 
 
Figure C-7 : Strain gauge results from calibration at maximum load for strain 
gauge 7 and 8; opposite strain gauges located on the stringer – panel 3 
Table C-1 : Strain gauge measurements for 2199 baseline panel 
Strain gauge Max load (N) Max strain Modulus (MPa) 
Max stress 
(MPa) 
#1 
582,000 
2.58x10
-3
 
75,200 
194 
#4 1.45x10
-3
 109 
#3 1.30x10
-3
 97.6 
#5 1.45x10
-3
 109 
#6 2.86x10
-3
 215 
#7 1.18x10
-3
 
78,700 
92.7 
#8 1.47x10
-3
 116 
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Strain gauge #3 was used to check that the stress used for the test is close to 
the chosen 97.7 MPa. The strain gauges closer to the initial notch have much 
higher strains than the reference strain gauge #3 with 194 MPa for strain gauge 
#1 and 215 MPa for its coupled strain gauge #6. Strain gauges #4 and #5 have 
much reduced strains but higher than strain gauge #3 due to their location. 
Figure C-3 shows linear behaviour obtained for strain gauge #3. As shown in 
Table C-1 the maximum strain is 1.30x10-3. It is observed that the level of strain 
increases as the strain gauge is closer to the initial notch. It was observed that 
strain gauge #1 had a slight non-linear behaviour. Regarding coupled strain 
gauges 1&6 and 3&5, there is a higher strain for the stringer side than for the 
skin side.  
C.2 Panel 4: 2199-T8E80 – bolted – Glare reinforced (P_ALC_02) 
Two sets of strain gauges have been used in order to check the level of stress 
in the panel. The first set was the same as the previous panel (2199 al-lith) and 
the second one was used in order to check the stresses that compared to the 
other two panels (2024 HDT).  
Figure C-8 and Figure C-9 show the location of the first set of strain gauges. 
The calibration measures are given in Figure C-10 to Figure C-14. The results 
obtained during the calibration at maximum load are given in Table C-2. It 
shows the maximum strain and corresponding stress obtained for each strain 
gauge.  
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Figure C-8 : Panel 4 strain gauge location – front view (strain gauge 1, 2, 3) 
 
Figure C-9 : Panel 4 strain gauge location – Back view (strain gauge 4, 5; 6 and 7) 
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Figure C-10 : Strain gauge results from 
calibration at maximum load for strain 
gauge 3 – Panel 4 
Figure C-11 : Strain gauge results from 
calibration at maximum load for strain 
gauge 2 – Panel 4 
  
Figure C-12 : Strain gauge results from 
calibration at maximum load for strain 
gauges 4 and 1 ; opposite strain gauge 
on skin side and stringer side – panel 4 
Figure C-13 : Strain gauge results from 
calibration at maximum load for strain 
gauges 5 and 3 ; opposite strain gauge 
on skin side and stringer side – panel 4 
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Figure C-14 : Strain gauge results from calibration at maximum load for strain 
gauge 6 and 7; opposite strain gauges located on the stringer – panel 4 
Table C-2 : Strain gauge measurements for 2199 al-lith reinforced panel 
Strain gauge Max load (N) Max strain Modulus (MPa) 
Max stress 
(MPa) 
#1 
790,000 
1.47x10
-3
 
75,200 
110 
#2 1.31x10
-3
 98.7 
#3 1.18x10
-3
 89.0 
#4 1.67x10
-3
 126 
#5 1.31x10
-3
 98.4 
#6 1.31x10
-3
 
78,700 
98.1 
#7 1.30x10
-3
 98.1 
The reference strain gauge that is used for the comparisons to the baseline 
2199 al-lith panel is strain gauge #3. It shows here a level of strain of 89.0 MPa 
instead of 97.7 MPa. That is why a second set of strain gauge was used, with a 
strain gauge symmetrically opposite to strain gauge #3 in order to verify the 
results obtained from strain gauge #3.  
One can observe an increase in the strain level for the strain gauges closer to 
the initial notch (strain gauges 1, 2 and 3). Figure C-10 shows the linear 
behaviour obtained at strain gauge #3. As outlined in Table C-3, it shows a 
maximum strain of 1.18x10-3. 
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The second set of strain gauges used to establish the level of stresses uses 
similar position to the 2024 HDT panels as illustrated in Figure C-15. In that 
case the analysis focused on the stresses on the front of the panel. 
 
Figure C-15 : Panel 4 strain gauge location for second measurements – front 
view (strain gauge 1, 2, 3, 4-bis , 7-bis and 8-bis) 
Note: Strain gauges 4-bis and 8-bis are aligned with the crack and 
symmetrically opposite while strain gauges 3 and 7-bis are symmetrically 
opposite from the centre line of the panel. 
The results obtained from the strain gauges for this second set are given in 
Table C-3. It shows the maximum values obtained for each strain gauge. The 
analysis focuses on strain gauge 3, 4-bis, 7-bis and 8 bis. 
Table C-3 : Strain gauge measurements for 2199 al-lith reinforced panel 
Strain gauge Max load (N) Max strain Modulus (MPa) 
Max stress 
(MPa) 
#3 
790,000 
1.17x10
-3
 
75,200 
88.0 
#4-bis 1.28x10
-3
 96.3 
#7-bis 1.22x10
-3
 92.0 
#8-bis 1.27x10
-3
 95.8 
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Strain gauges #3 and #7-bis have two different level of strain with respectively 
1.17x10-3and 1.22x10-3 while strain gauges #4-bis and #8-bis have similar strain 
levels with respectively 1.28x10-3 and 1.27x10-3. This suggests an error in the 
reading of strain gauge #3 as it should give a similar level of strain as strain 
gauges #7-bis. Hence results obtained from strain gauge #3 were discarded 
and the strain gauge was removed from the panel. 
C.3 Panel 5: 2099 – T81 ISP – reinforced (P_COU_03) 
Figure C-16 and Figure C-17 show the strain gauge locations for this panel. 
Calculations showed that the cross section of this panel was 7180 mm2. Hence 
the calculated maximum load to reach 101 MPa is 725,180 N. The panel was 
loaded using a ramp loading up to that maximum load while recording the strain 
gauge measurements. Strain gauge #3 was used as a reference strain gauge to 
determine the load to produce a stress of 101 MPa as the maximum stress in 
the load spectrum. The results obtained for all the strain gauges are given in 
Table C-4. It shows the maximum values obtained for each strain gauge. The 
calibration measures are given in Figure C-18 to Figure C-21.  
 
Figure C-16 : Panel 5 strain gauge location – front view (strain gauge 1, 2, 3) 
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Figure C-17 : Panel 5 strain gauge location – Back view (strain gauge 4, 5) 
  
Figure C-18 : Strain gauge results from 
calibration at maximum load for strain 
gauge 3 – Panel 5 
Figure C-19 : Strain gauge results from 
calibration at maximum load for strain 
gauge 1 – Panel 5 
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Figure C-20 : Strain gauge results from 
calibration at maximum load for strain 
gauge 5 – Panel 5 
Figure C-21 : Strain gauge results from 
calibration at maximum load for strain 
gauges 2 and 4 ; opposite strain gauge 
on skin side and stringer side – panel 5 
Table C-4 : Strain gauge measurements for 2099 – T81 ISP reinforced panel 
Strain gauge Max load (N) Max strain Modulus (MPa) 
Max stress 
(MPa) 
#1 
712,555 
2.19x10
-3
 
78,700 
172 
#2 1.46x10
-3
 115 
#3 1.33x10
-3
 104 
#4 1.49x10
-3
 117 
#5 1.49x10
-3
 117 
Table C-4 shows the results obtained for the three strain gauges positioned on 
the front of the panel. As for the other panel tested in the program, it shows a 
higher stress level at the strain gauge closer to the initial notch, with strain 
gauge #1 showing the highest level of strain. Strain gauges # 3 show a linear 
behaviour, while a slight nonlinear behaviour was observed for strain gauge #1 
which can be interpreted as a consequence of the proximity of initial notch. 
Strain gauges #4 and #5 which are located close to each other on the stringer 
demonstrate similar level of strain. Strain gauges #2 and 4, opposite strain 
gauges, respectively on the front and on the back also show almost identical 
results. 
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Appendix D : Calculation of    
   , equivalent residual 
stress intensity factor 
The equivalent residual stress intensity factor    
    is defined as the combination 
of the thermal residual stresses stress intensity factor and the effect of coupling 
between thermal residual stress and mechanical loads. It is assumed that the 
coupling is the same under maximum and minimum applied loads. 
Hence    
          (D-1). 
By definition, the effective stress intensity factor is given as      
    
    
 (D-2) 
where      and      are both the combination of mechanical loads, thermal 
residual stress and coupling stress intensity factors at maximum and minimum 
applied loads.  
Hence, 
     
    
    
 
                      
    
                          
 
                        
   
                        
    (D-3). 
This equation, then leads to 
   
    
                                             
      
 (D-4). 
Assuming that the non-linear effect is negligible, one can define 
  
                    
                    
 
    
    
  (D-5) 
and it leads to   
    
                            
      
 (D-6). 
By definition,                                              (D-7). 
Hence one can deduce                              (D-8) which gives 
                      
  
     
 (D-9). 
All the expression developed above, once combined give: 
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 (D-10) 
Hence two major assumptions are considered here for the calculation of    
    
with: 
1) the fact that the thermal residuals stress intensity factor and coupling are 
the same at maximum and minimum applied loads and 
2) the fact that the non-linearity is negligible for the expression of the R-
ratio. 
This value of    
    is calculated from the simulation at maximum and minimum 
loads and then used for the fatigue life calculation performed in AFGROW. 
Hence it incorporates the effects of thermal residual stresses and non-linearity 
of the BCR geometry.  
 
 
